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Abstract 

This research aims to develop an integrated simulation environment for performing state of the 

art large scale simulation of buildings in fire and uses World Trade Center building 7 (WTC7) 

as a case study for testing the developed framework. A thorough review of the investigation 

reports of the WTC7 collapse is first performed followed by a literature review of the 

experimental and theoretical literature on the behaviour of composite floors in fire. The 

performance of OpenSees for Fire framework for modelling composite slabs is then tested 

including the shell elements, cross-section discretisation, and concrete damage plasticity model. 

After ascertaining the accuracy of OpenSees in modelling composite floor systems, the 

development of the integrated simulation environment began. The developments that followed 

allow for: (1) importing the geometric information of structures from building information 

models, (2) creating OpenSees for Fire models using a graphical user interface, (3) linking the 

OpenSees model with computational fluid dynamics models, (4) performing heat transfer 

analyses automatically, (5) running the thermomechanical analysis in OpenSees, and finally (6) 

post-processing the results. This framework was then used to build several models used for 

assessing the response of WTC7 to a potential fire in the mechanical room. It was found that if 

the diagonal members of Truss 2 in the mechanical room were under-protected then they were 

likely to buckle. This would cause total failure of the transfer structure and may initiate the 

progressive collapse of WTC7. Further study is still necessary to assess the effect of this failure 

on WTC7 by considering load redistribution and comparing the simulated and observed 

mechanisms. Using WTC7 as a case study allowed for further development of the integrated 

simulation environment and paved a path for future research and development regarding the 

large-scale modelling of structures in fire. Moreover, this work shed light upon the hypothesis 

that a mechanical room fire may have contributed to the collapse of WTC7. 
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Chapter 1. Introduction 
1.1. Background 

1.1.1. The OpenSees for Fire project 

Structural engineers are responsible for the design and construction of buildings, bridges, and 

other infrastructure. A key part of these duties is ensuring the safety of these structures and 

their inhabitants during natural disasters such as earthquakes, typhoons, and even tsunamis. 

The frequency and potential damage of these events have led to the development of detailed 

codes that establish appropriate loading levels, design methods, and performance criteria that 

structural engineers rely on during the design process (ASCE 2016; BSi 2004; Buildings 

Department 2019). As these natural disasters have been ever-present, the ways in which 

buildings and other structures have been designed for them has matured over the decades. 

Computer-aided tools, in particular, became an indispensable accompaniment to the structural 

engineer and allowed her or him to ensure design code compliance and structural soundness at 

a fraction of the time taken by classical hand-calculation methods.  Tools such as ETABS and 

Perform3D, for example, allow for sophisticated earthquake analyses and even performance-

based seismic studies almost with the click of a button (Computers & Structures Inc. 2016, 

2021).  

Fire has not traditionally been placed in the same category as the aforementioned natural 

disasters because it is seen as a human-made hazard that could be prevented and if encountered 

could be fought and suppressed. To some extent, this is true. The built-environment is actively 

and passively protected against fire by multi-layered approaches detailed in long-established 

codes such as the many NFPA documents, various British Standards, and the Hong Kong Code 

of Practice for Fire Safety in Buildings (BSi 2017; Buildings Department 2011; NFPA 2021). 

Amongst the many lines of defence, however, the last and most important is the global stability 

of the structure. To ensure the integrity of this last line of defence, buildings and other structures 

are prescribed thermal insulation corresponding to a fire-resistance rating represented by 

duration in hours of fire exposure. These ratings are based on member-level furnace tests under 

standard fire conditions. The efficacy of this approach is routinely questioned in the scientific 

literature on structural fire safety. It may not be an overstatement to say that it is now a 

consensus amongst the structural-fire engineering community that these tests no longer 

constitute an acceptable standard for structural-fire safety. With an ever more expanding 
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architectural movement to incorporate open spaces into the built environment, the old standards 

are proving to be more unreliable by the day. This has led to the development of many nuanced 

fire models that incorporate compartment properties such as the parametric curves (BSi 2005), 

consider mass and energy conservation such as the various zone models (Friedman 1992; 

Olenick and Carpenter 2003; Walton et al. 2016), and consider non-static fires such as the 

travelling fire models (Jiang et al. 2021; Stern-Gottfried, J; Rein 2012). In addition to these 

models, advances in computational fluid dynamics tools, such as the development of fire 

dynamics simulator (FDS), made it possible to simulate fire events within buildings more 

conveniently than ever before (McGrattan et al. 2016).  

The advent of these fire models in all their levels of abstraction has allowed the structural 

engineering community to tackle the structural-fire design problem in a more systematic way 

using, for example, the finite element method (FEM). This has indeed been done in design 

cases such as in Lamont et al. (Lamont et al. 2006) and Lelli and Loutan (2018). The first of 

these two cases used Abaqus (Dassault Systèmes 2012), which is a general-purpose 

commercial FEM software. The other case study was run in SAFIR, a piece of proprietary 

software developed at the University of Liege and at Johns Hopkins University (Franssen and 

Gernay 2017). The currently available tools for structural fire engineering fall into one of these 

two categories: commercial general-purpose software, and proprietary software developed and 

maintained by specialist teams. The OpenSees for Fire project aims to expand the tools 

available into another category: open-source software that is available for use and development 

by all.   

The ultimate goal of the OpenSees for Fire project is to build a state-of-the-art tool that enables 

structural engineers to analyse and design structures with the same ease which modern tools 

allow in the performance-based design of structures in earthquakes as was mentioned earlier. 

This work started at the University of Edinburgh and continues today at the Hong Kong 

Polytechnic University in part through this thesis. The Open System for Earthquake 

Engineering Simulation (OpenSees) is an open-source FEM software framework for the 

analysis of structures subject to seismic and other kinds of loading (McKenna et al. 2000). 

Written in C++ using the object-oriented paradigm, OpenSees was designed to be easily 

extensible by other researchers which led to it gaining popularity amongst the earthquake 

engineering community, and to its selection for the extension to structures in fire. At first, a 

heat transfer module was added alongside abstractions for the thermomechanical analysis of 

beam-column and shell elements (Jiang 2012a; b), followed by more work on 
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thermomechanical models by Jiang (2015) and on fire models by Dai (2017). In this thesis, 

OpenSees for Fire is extended into an integrated simulation environment that aims to achieve 

the goal of practically modelling large structures in fire for design and forensic investigation. 

This goal is as relevant today as it was a decade ago because despite the growth in the structural 

fire engineering literature, structural collapses due to fire still occur and the community does 

not yet have a full grasp of why or how they occur.  

1.1.2. The Collapse of WTC7 

Research into the response of structures to fire began in earnest before the beginning of the 21st 

century. This interest was roused by the unexpected robustness of steel construction after the 

Broadgate Phase 8 fire, which lasted for over four hours and exceeded 1000 °C (The Steel 

Construction Institute 1991). In response, the Cardington experiments were performed and 

marked the largest and most extensive testing scheme performed until then. The findings from 

Cardington corroborated the observations made at the Broadgate Phase 8 fire that composite 

structures possess ample reserved strength in fire, and that thermal strains can be alleviated in 

the form of large but mostly structurally benign deflections (Bailey 1998; Gillie et al. 2001; 

Lamont et al. 2001; Moss and Clifton 2004; Rose et al. 1998). Most importantly, the Cardington 

experiments allowed for developing a fundamental understanding of the behaviour of structures 

in fire (Lamont 2001; Usmani et al. 2001).   

This understanding became crucial in deciphering the catastrophic failure of the World Trade 

Center (WTC) buildings that fell because of the tragic 11 September 2001 terrorist attacks. The 

official findings of the National Institute of Standards and Technology (NIST) were that the 

raging fires were responsible for the eventual collapse of towers 1 and 2 and that the impact of 

the aircraft alone was not sufficient to cause the failure (NIST 2005). Indeed, the findings of 

Usmani et al. (2003), Lange et al. (2012),  and Kotsovinos and Usmani (2013) all pointed that 

in absence of impact the thermal conditions in the WTC buildings were sufficient to trigger 

global failure. The failure mechanisms identified in those examinations were valid even when 

disregarding connection failure.  

Unlike WTC1 and 2, WTC7 was never subject to the impact of an aircraft. Instead, debris from 

WTC1 caused superficial damage to its outer frame and, more importantly, ignited a series of 

multi-floor fires. The fires burned for about seven hours before eventually causing the total 

collapse of the building. The collapse of WTC7 caused no loss of life due to the early 

evacuation of its occupants. However, the failure was responsible for severe financial and 
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logistical costs due to the destruction of the electrical substation WTC7 was built on top of. 

Litigation ensued over the placement of the liability for the collapse, and multiple expert 

investigators were called upon to inspect the building design and explain its failure. At the 

same time, NIST was tasked to perform their own independent study of the failure and present 

the results to the public. The details of the investigations are reported upon in the next chapter, 

but it suffices to say here that there were multiple hypotheses for the collapse and consensus 

over a single cause was not reached. One of these hypotheses, developed at the University of 

Edinburgh, was that a fire within the mechanical room on the fifth floor compromised a large 

transfer structure and caused the collapse. This hypothesis was not sufficiently examined then 

due to practical limitations including lack of information and inadequacy of the tools available 

to efficiently model the building.  

After the conclusion of the litigation, an abundance of information was made public by NIST 

including many of the original structural and erection drawings of the building (Frankel Steel 

Limited 1985; Office of Irwin G. Cantor 1985). Furthermore, as mentioned in the last section, 

this research is largely concerned with building a practical, efficient, and accurate tool for 

simulation of large structures in fire – a tool that is meant to be used for forensic studies as well 

as design. With many of the drawings now available, and with the development of the 

integrated simulation environment, it is now possible to examine the mechanical room fire 

hypothesis in more depth. Making conclusions on the collapse of WTC7, however, is not the 

primary goal of this work. Despite being an extension of, and then consolidation and 

streamlining of many years of work, the integrated simulation environment is unlikely to 

culminate at this time. Nonetheless, forensic investigation and simulation of WTC7 is likely 

the most stringent and most informative test that could be performed of any tool for modelling 

large structures in fire. While a final conclusion on the collapse of WTC7 may not be strictly 

made, it is probable that this work will point towards the right future direction for both the 

development of OpenSees for Fire and the investigation of the collapse of WTC7. With the 

lessons learned from this work, the integrated simulation environment can be refined further 

and a more detailed analysis of WTC7 can be performed in the future.  

1.2. Research objectives 

This research has two core objectives:  

1. Develop an integrated simulation environment around OpenSees for Fire for efficient 

modelling of large and complex structures in fire. 
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2. Validate and demonstrate the capabilities of the developed integrated simulation 

environment for large structural systems to realistic fire loading with WTC7 forensic 

investigation as a case study. 

In addition to the core objectives, this thesis aims to: 

• Formulate an understanding of the modelling efforts made towards examining the 

collapse of WTC7 by the expert investigation teams and what these simulations 

required. 

• Review the literature to assess the response of composite floor systems to fire. 

• Ensure that OpenSees for Fire is capable of modelling composite floor systems to a 

sufficient degree of accuracy. 

In the process of this research, the following programmes are made openly available from the 

author’s GitHub page:  

1. Integrated Simulation Environment: GiD+OpenSees - The Thermomechanical Edition  

2. The OpenSees Parametric Case Runner 

3. OpenSees for Fire – Release version 3.2.3 

Where the OpenSees Parametric case runner is also bundled within the integrated simulation 

environment. The parametric heat transfer script detailed in Chapter 5 is not made available on 

its own but is also available from the repository for the integrated simulation environment.  

1.3. Outline of thesis chapters  

Chapter 2: Overview of the Collapse and Investigations of WTC7 

WTC7 was the first tall building to collapse due only to fire. Because of this, it has garnered a 

lot of attention and underwent detailed investigation by multiple expert teams in the course of 

litigation. First, an overview of the building design and construction is given, followed by 

details of the fire and collapse. The expert investigation efforts are then described in detail. 

Finally, the potential for a mechanical room fire is discussed based on the properties of the 

secondary emergency power systems.  

Chapter 3: Literature Review of Composite Slab Behaviour in Fire 

It has become apparent from Chapter 2 that the performance of the WTC7 composite floor 

system was a crucial part of its response to the fires that caused its eventual collapse. The 

published literature on experimental and theoretical studies on composite structures in fire is 
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explored in this chapter. This literature review is initiated by studying the experimental work 

performed on isolated slabs with simplified supports. Larger experiments where the slabs are 

composite with steel beams are considered next, followed by examining the theoretical 

approaches developed over the last two decades to describe the behaviour of these systems. 

This chapter concludes with the realisation that experimental work up to date falls short of 

being representative of the large-scale continuity possible within large structures. It is also 

noted that most theoretical approaches developed so far offer conservative and even practical 

estimates for the thermal capacity of slab panels. However, they often are incapable of forming 

a basis for understanding or describing the behaviour of composite floor systems at a larger 

scale.   

Chapter 4: Analysis of Slabs in OpenSees 

This chapter introduces some key developments towards modelling composite slabs in fire. 

The MITC4 and NLDKGQ shell elements and layered section abstractions are introduced, 

followed by the theoretical basis for the concrete damage plasticity model that was incorporated 

within OpenSees. These developments were then validated against the isolated slabs tested in 

fire by Lim and Wade (2002), and against the Cardington corner compartment experiment. The 

results of the analyses were promising and demonstrated that OpenSees, as a finite element 

method engine, was ready to model the floors of WTC7. However, the model-building process 

of the Cardington test was heavily time and resource consuming and would not be practical for 

constructing a model of WTC7.    

Chapter 5: Integrated Simulation of Composite Structures in Fire 

OpenSees for Fire must be seamlessly incorporated into the engineering design workflow if it 

were to become a practical tool for enabling structural engineers to design and analyse 

structures in fire. For this purpose, Chapter 5 introduces the developments made towards an 

“Integrated Simulation Environment”. This integrated simulation environment enables the 

engineer and researcher to: 

1) Import model geometry from Revit to seed an OpenSees model 

2) Build OpenSees for Fire models with a graphical user interface 

3) Automatically map OpenSees thermomechanical models with CFD results or 

temperatures from design curves via a multi-threaded heat transfer tool 

4) Postprocess OpenSees results including slab results such as cracking and bar strain  
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The integrated simulation environment is then used to build a model of and simulate the 

Cardington large compartment test using FDS results as boundary conditions. It is concluded 

that with this development it is now possible build and analyse a model of WTC7. 

Chapter 6: The Response of WTC7 to a Potential Mechanical Room Fire 

The response of WTC7 to a potential mechanical room fire is examined in this chapter. A Revit 

model of the mechanical and typical floors of WTC7 was made and is used to explain the 

structure of the mechanical floors and the collapse hypothesis being investigated. The collapse 

is expected to occur due to a failure in the transfer structure within the mechanical room and is 

studied by building two small local models, and a large integrated model containing all the 

mechanical floors. The models showed that WTC7 does not seem to be adversely affected 

when subjected to the hydrocarbon fire for three hours within the vicinity of the mechanical 

room. A failure would occur, however, if the diagonal members of the transfer structure are 

assumed to be unprotected.  Further study is still necessary to assess the potential collapse 

propagation initiated by the failure of the transfer structure in the mechanical room.   

Chapter 7: Conclusions and Future Work 

The integrated simulation environment can now be used to build large models, but there is still 

a significant amount of work to do in the future. Many aspects of the developed framework 

need improvement, and new features such as the ability to model connections and shear studs 

will need further research.  

1.4. How to read this thesis 

While the thesis follows a clear narrative outlined in this introduction, each chapter was written 

to be as self-contained as possible. Each chapter in the body of the thesis has its own 

introduction, conclusion, and references. Acronyms are redefined on the first instance of their 

use in each chapter. The interested reader may begin reading this thesis at any chapter or may 

choose to read only individual chapters without any issue.  
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Chapter 2. Overview of the Collapse and 
Investigations of WTC7 
2.1. Introduction 

The collapse of World Trade Center 7 (WTC7) holds a special place in the structural fire 

engineering literature as the first building to collapse primarily due to fire. When it failed, 

WTC7 was still a relatively new high-end structure that was well-maintained and designed 

exceeding the requirements of the then-contemporary fire regulations. The expert 

investigations that followed produced a wealth of knowledge on the construction details of the 

building, how it collapsed, and how industry professionals and structural fire engineering 

academics performed their large-scale simulations. Additionally, the design and erection 

drawings of WTC7 were made public around the end of 2011 by the National Institute of 

Standards and Technology (NIST) which provided valuable insight into the structure. This 

chapter will begin by first giving a detailed overview of the WTC7 building including its design, 

relevant mechanical services, and the observations made on the day it collapsed. The work of 

the expert investigation teams is then revisited with special attention paid to their simulation 

strategies, and the potential for a mechanical room fire is also examined. The historical 

overview provided in this chapter helps define the development needs of the integrated 

simulation environment and establishes the WTC7 mechanical room fire as a useful case study 

for its validation.  

2.2. The World Trade Center building 7 

2.2.1. The development and structure 

The World Trade Center complex was a collection of high-end medium-rise and high-rise 

buildings in the financial district in Lower Manhattan, New York City. As the name suggests, 

most of the buildings served as office buildings housing private financial companies. In 

addition, many governmental organizations were also tenants in several of the buildings. 

Initially, six buildings were developed and constructed as part of this development, with WTC7 

being added later. The layout of the complex is shown in Fig. 2.1. In addition to these buildings, 

there existed a power substation operated by Consolidated Edison, Inc in the same land plot as 

WTC7. This substation powered most of Lower Manhattan and was constructed with the 

expectation of a high-rise being built on top of it. The columns and foundations of this 
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substation were therefore designed to carry significant additional loads, which they indeed did 

when WTC7 was erected. Although WTC6 stood between WTC1 and WTC7 as Fig. 2.1 shows, 

it was only an eight-storey building dwarfed by the 110 floors of WTC1 and the 47 storeys of 

WTC7.  

 

Fig. 2.1. The layout of the World Trade Center complex prior to the events of 11 September 2001 (NIST 2008a) 

WTC7 had a trapezoidal layout with a longer northern edge and a shorter southern edge which 

were 100 and 75 m respectively as shown in Fig. 2.2. The eastern edge was 43 m long, while 

the western one was 45 m. This gave the building a large footprint with a gross floor area of 

about 200,000 m2 (NIST 2008a).  It stood 186 m high which made it the second tallest building 

in the WTC complex only second to WTC1 and 2. The tower floors could be classified into 

four major sections: 

1. 1st (ground) through 4th floors: Lobby, the power substation, and other functional 

spaces (e.g. cafeteria, conference space). 

2. 5th and 6th floors: Primarily mechanical spaces containing ventilation units, 

emergency power supply generators, and transformer vaults. 

3. 7th through 45th floors: Tenant floors of mostly typical construction. 

4. 46th and 47th floors: Tenant floors but supported additional mechanical equipment 

such as sprinkler water tanks and a roof penthouse. 
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Fig. 2.2. Typical layout of the WTC7 floor framing 

The architecture of the building required large open spaces for typical office floors which 

consisted primarily of workstations as shown in Fig. 2.3 (a) or compartmentalised offices as in 

Fig. 2.3 (b) (NIST 2008b). This type of layout was common in modern office buildings then 

and is still prevalent now. The structure consisted of a set of 24 interior columns supporting a 

core area and the perimeter was surrounded by perimeter columns. The core area housed two 

staircases, and lift shafts for the 32 elevators of the building (NIST 2008a). The perimeter 

columns supported a glass and granite façade and resisted part of the lateral loads via moment 

connections to the wind girders. The floor beams were in the east-west direction in the east and 

west bays, and in the north-south direction in the north and south bays. In the core area, the 

beams were predominantly oriented in the north-south direction but joined by beams 

perpendicular to them in the east-west orientation. 

 

Fig. 2.3. Layout of the typical office floors in WTC7 (a) workstation floors, and (b) office floors (NIST 2008a) 
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The structure was completed in 1987 and used the then-current New York City Building Code 

of 1968, and the Specification for Design, Fabrication, and Erection of Structural Steel for 

Buildings published by the American Institute for Steel Construction (AISC) in 1963 (NIST 

2005a). All steel was designed following the allowable stress method, and the concrete was 

designed for ultimate strength. The connections between the various floor framing elements 

mostly consisted of a variety of shear connections, and moment connections were mostly 

reserved for the perimeter of the structure. Composite concrete-steel floor slabs were used 

throughout the building consisting of 75 mm deep 0.9 mm thick corrugated steel sheeting with 

a total slab depth between 140 mm and 150 mm, except for the fifth floor which used a 360 

mm deep slab and the seventh floor which had a 200 mm deep slab (Frankel Steel Limited 

1985). Shear studs used for composite action between slabs and floor framing were spaced 

between 0.3 m and 0.6 m apart. Each was 19 mm in diameter, and 125 mm long. Lateral and 

wind loads were resisted by moment connections within the perimeter frame, and belt trusses 

at the 22nd through 24th floors, and at the fifth through seventh floors.  

The Building Code of New York City governed the fire design of the structure (NIST 2005a). 

WTC7 was designed relatively well for fire and was equipped with both active and passive fire 

protection and life safety measures such as: 

• Sprinklers with primary and backup water supply 

• Smoke detectors and mechanical ventilation 

• Fire insulation to all structural steel members 

• Sufficient egress capacity via the staircases and elevators 

Note, however, the stairs were enough to provide code-compliant egress for the normal 

occupancy levels of the building at 8,000 people. The maximum capacity of 14,000 people, as 

calculated by NIST, would not meet the then-applicable code (NIST 2008a). Sprinklers were 

provided on all floors of WTC7 except for the generator and electrical rooms, as well as the 

mechanical floors which were exempt by code. The sprinklers were divided into three 

operational groups shown in Table 2.1. Both main and backup water supplies for sprinklers on 

the first floor through the 20th were provided by the city mains. 

Since the entire structure was provided with sprinklers, the code required that all columns were 

to be protected with a 2-hour rating, while all beams must have a fire rating of 1.5 hours. The 

building exceeded those ratings with 3-hour fire protection to the columns and 2-hour 

protection applied to the beams and steel deck.  
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Table 2.1. Sprinkler water supply for WTC7 

Floors Main supply Backup supply 

1st through 20th City mains City mains 

21st through 39th 46th-floor water tank City mains 

40th through 47th 46th-floor water tank City mains 

 

2.2.2. Mechanical spaces and emergency power 

The fifth and sixth floors contained much of the mechanical equipment for the lower part of 

the building, and most of the generators for the emergency power supply (NIST 2005b). Most 

of the ventilation equipment was housed in a two-storey high mechanical room on the eastern 

side of the structure as shown in Fig. 2.4. The ventilation equipment was connected to the 

outside via a plenum to the east of the mechanical room. South and west of the room was a 

transfer corridor connecting two segments of the eastern staircase. There were several openings 

in the fifth-floor slab to accommodate the ventilation equipment (Office of Irwin G. Cantor 

1985). 

 

Fig. 2.4. Fifth-floor emergency power and mechanical equipment layout (NIST 2005b) 

WTC7 had an emergency power system known as the Base Building Fuel system which was 

installed in 1987 (NIST 2005b). The emergency power supply would initiate automatically 

upon disruption of primary power. This system, however, underwent several modifications 

over the years to accommodate the growing demands of the occupants (NIST 2005a). By 2001, 

the emergency power system had increased in fuel capacity from about 90 m3 to just over 150 

m3. In 2001, the emergency power system had comprised of five large fuel tanks, fifteen power 
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generators, at least five sets of pumps, and three small day tanks. Eleven of the fifteen 

generators were on the fifth floor, and all pumps were on the first floor. In addition, one day 

tank was placed on the fifth floor, another on the seventh floor, and the last one was on the 

eighth floor as shown in Fig. 2.5.  

 

Fig. 2.5. Details of the primary and tertiary emergency power systems (NIST 2005b) 

Of the eleven generators on the fifth floor, nine belonged to a separate emergency power system: 

the Salomon Brothers system (NIST 2005b). This system supplied emergency power to the 

tenant Salomon Brothers, Inc, which was the biggest tenant of WTC7 (NIST 2008a). The 

Salomon Brothers system consisted of two underground storage tanks with a combined 

capacity of 45 m3, two pumps, the aforementioned nine generators, and a valve rig (NIST 

2005b). According to the Building Code of New York City, no more than one day tank could 

be provided on any one floor. Since the Base system already had a day tank on the fifth floor, 

the Salomon Brothers system was designed as a continuous pressure system: one where 
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pressure from the pumps is required continuously for fuel supply to the generator system. The 

valve rig contained a backpressure regulator and a liquid level switch (NIST 2005b). The latter 

continuously checked the level of liquid present in the pipe connected to it and would send a 

signal to the pumps to turn on when the fuel fell below a pre-set threshold. The backpressure 

regulator ensured sufficient but safe pressure levels in its intake pipes by controlling the flow 

to the outlet pipe. If the pressure were high enough, it would allow more flow to release it, and 

if it were too low, it would prevent flow into the outlet causing pressure build up in the intake. 

As indicated by NIST, there is no indication of automatic leak detection in this system (NIST 

2005b). It is possible, that the generators had a leak detection system similar to the base system, 

which was not discussed here, and there may have been a leak detector in the standpipe 

delivering fuel from the sub-grade tanks (NIST 2005a). However, had a leak occurred 

downstream from the first generators, it is unlikely that it would have been detected. The 

following sequence of events may then occur: 

1. Low power triggers the generators to operate. 

2. Leak in the double-walled pipe occurs somewhere downstream from the first 

generators. 

3. Pressure and fuel levels drop in the inlet to the valve rig, sending a signal to the 

pumps to operate continuously. 

4. The pumps would pump fuel into the system, but the leak would not allow pressure 

buildup. The regulator keeps the return pipe closed, and the generators operating. 

5. Fuel continues to be pumped into the system, with much of it leaking, and some of it 

feeding the first generators which in turn keep the pumps operational. 

6. The cycle continues until all fuel in the storage system is exhausted. 

If the mechanical room were to be damaged by debris, and if the fuel line for the Salomon 

Brothers system were to be breached in the process, then diesel fuel may pool somewhere in 

the vicinity of the mechanical room. This opens up the possibility for a fire there, which will 

be discussed in section 2.3.4 of this chapter. 

2.2.3. Observed response to damage and fire  

The first of the Twin Towers to be struck by aircraft was WTC1 at 8:46 AM. Part of the 

southern façade of WTC7 shattered due to the shockwave (NIST 2008a). Less than 20 minutes 

later, at 9:02 AM, WTC2 was struck similarly to WTC1. As the second strike happened, and 

news of the attack on the Pentagon spread, building occupants began evacuating (NIST 2008a). 

On that morning, only 4,000 people were present which was half the normal occupancy. 



18 

 

However, as they reached the lobby, they were prevented from leaving by building officials 

due to fear they would be hurt by debris falling from WTC1. Meanwhile, the Office of 

Emergency Management (OEM) had established a medical triage post in WTC7, and evacuees 

from WTC5 and 6 took shelter there as well (NIST 2008a). Once the building officials ensured 

the situation was safe enough for evacuation, they led the occupants out via the loading dock 

doors on the south side of the building, and away from the site. By the time the OEM ordered 

the building to be evacuated at 9:45 AM, the evacuation had almost finished, and the building 

was nearly empty from all occupants. 15 minutes later, WTC2 collapsed, followed by WTC1 

at 10:28 AM. While the collapse of WTC2 did not impact WTC7 due to its distance and 

positioning, the debris from WTC1 caused sizeable damage to the south and west of WTC7 

and ignited over ten floors on it. The damage primarily occurred in the lower half of the 

building with some columns between the seventh and 17th floors being severed and portions of 

the frame there destroyed. 

 

Fig. 2.6. Debris damage to the western and southern faces of WTC 7 (NIST 2008a; b) 

The damage sustained was localised and limited in scope as the structure showed no signs of 

instability and was assumed to be at no immediate risk of collapse. The fire services arrived on 

the scene, assessed the damage and fire, and decided to ignore the building: it was vacant, and 
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the overall situation made it a much lower priority (NIST 2008a). The extent of the damage 

sustained by WTC7 to the south and west faces is shown in Fig. 2.6 which was produced by 

NIST based on their analysis of photographs and videos of the event (NIST 2008b). Due to the 

extent of smoke and dust, visibility was very poor and large areas of the façade were hidden 

from view as marked on the figure. The most serious damage, however, was caused by the 

uncontrolled travelling fires ignited by the flaming debris over multiple floors. 

On the north facade, even when flames were observed in the windows, there was little smoke. 

On the street level, many vehicles were set alight and burned down (NIST 2008a). It is very 

difficult, however, to point out exactly where the fire was within the structure at any given 

point in time. Visual evidence of the fire is only a reference to the observation of active flame 

from the windows (NIST 2008b), and it was very difficult to assess the fire state inside the 

structure. Fire could have burned internally with smoke exhausting from different openings 

and there would be very little to see for the by-standing observer. NIST’s video analysis from 

the day is summarised in Table 2.2 For floors seven through 13 (NIST 2008b).  

In addition to the fire history in Table 2.2, a small fire was also observed in the middle of the 

north face and the northeast corner on the 14th floor at 5:03 PM. This fire died quickly and was 

not sustained for long. Moreover, there seems to have been little, if any, vertical spread of fire. 

The primary fire propagation mechanism was sequential burning of fuel with abundant air from 

the broken façade (NIST 2008a). In the time frame between 3 and 4 PM, the fire was mostly 

located in the north face of the structure. On floors 11, 12, and 13, where fire propagated 

counterclockwise, the fires were on the eastern and southern faces before then, while the fires 

on floors seven, eight, and nine were located on the opposite side.  

WTC7 collapsed at 5:21 PM following the sequence as observed from the north of the tower 

as shown in Fig. 2.7 which is based on the collapse video published by NIST (NIST 2009). The 

failure of WTC7 started with the roof penthouse on the northeast of the building sinking in as 

shown in photos (1) through (5) of the figure. It is observed in photo (3) that this roof structure 

fell towards the south and west as it sunk into WTC7. This indicates that the collapse initiation 

took place somewhere in the northeast part of the building within the locality of the penthouse. 

Photos (6) through (8) show how the remainder of the penthouse on the roof also sunk into the 

building from the east to the west. In photo (9) the tower is shown falling rapidly. The failure 

initiated below the floors shown in the figure as these floors collapse as a rigid body. A ‘kink’ 

in the edge of the building is also observed in the north edge of the building and is shown more 
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clearly in Fig. 2.8 (a) and (b). From this figure, it is deduced that as the structure collapsed it 

moved towards the east and the north. A clearer portrayal of this movement is shown in Fig. 

2.8. (b), which also shows how the eastern edge of the structure was significantly more 

distorted than the western edge. This reiterates that the collapse initiation occurred somewhere 

in the northeast of the structure.  

 

Fig. 2.7. Collapse sequence of WTC7 (NIST 2009) 
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Table 2.2. Observed fire on floors seven through 13 (CW: Clockwise, CCW: Counterclockwise) 

Floor 
Movement 

direction 
2-3 PM 3-4 PM 4-5:20 PM 

7 CW West face, moving north 
Reached middle of the north 

face and died by 3:15 PM 

Reappeared east of the 

previous position at 4:40 PM 

and continued travelling east 

8 CW No fire recorded 

At 3:40 was moving east 

from the middle of the north 

face. Reached northeast 

corner by 3:55 PM, another 

fire appeared in the 

northwest corner 

At 4 PM the fire in the 

middle fire in the north face 

died 

9 CW No fire recorded No fire recorded 

Fire observed on the west 

side of the north face, burned 

rapidly, and reached the 

middle of the north face at 

4:10 PM. By 4:38 PM only 

spot fires were seen 

11 CCW 

Fire in the southeast corner 

moving north. Reached 

middle of the eastern face 

No visible fire  

Fire reappeared at 5:09 in the 

middle of the north face and 

spread west util reaching the 

nor western corner. Another 

fire spread east from the 

north face from 4:38 PM 

until 4:52 PM 

12 CCW 

The fire was close to the 

southeast corner by 2:08 PM, 

and almost reached the 

northeast corner by 2:30 PM 

The fire turned the northeast 

corner internally and reached 

the north face. The fire then 

returned to the northeast 

corner. By 3:45 PM fire was 

travelling to the northwest 

corner 

The fire reached the 

northwest corner by 5:00 PM 

13 CCW 
Fire on the east face moving 

north  

By 3:41 PM the fire turned 

the northeast corner and 

headed west 

The fire reached the middle 

of the north face after 4:00 

PM. The fire was jetting out 

of the windows west of the 

north face at 5:20 PM 
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Fig. 2.8. Relative movement of the building edges as it collapsed (a) movement direction (NIST 2009), and (b) 

progressive change in edges 

2.3. Expert investigation efforts 

2.3.1. The analysis by Arup and Guy Nordenson and Associates 

Arup’s study focused on the connection between the northeast-most core column (column 79, 

see Fig. 2.2) and the girder (girder 44-79) connecting it to the perimeter column 44. According 

to their study, having no fire protection in the cavities between the ribs of the slab and girder 

resulted in high top flange temperatures with complicated distributions that led to the failure 

of the connection (Arup 2010a; Bailey 2010). This failure was then taken as the starting point 

for the study by Guy Nordenson Associates who found that failure would propagate until the 

entire structure collapses (Guy Nordenson and Associates 2010). 

Arup’s thermo-mechanical analysis began with establishing the temperature information in the 

structural members. They performed a large scale FDS study of the 12th floor, which was one 

of the six floors where persistent potentially structurally damaging fires had occurred (Mowrer 

2010). Arup’s FDS model was calibrated with the observed fire behaviour on the day, and the 

window breakage was programmed following the photographs and videos. The fuel load used 

was 36.6 kg/m2 which correlated well with the values provided in the NFPA Handbook for 

private and government office fuel loads (Mowrer 2010; National Fire Protection Association 

2008). No vertical fire spread was allowed, mechanical ventilation was assumed to have been 

off, and the building core was not breached and remained free from fire throughout the 

simulation (Arup 2010a). Some of the simulation results are shown in Fig. 2.9, which 

demonstrates the travelling behaviour of the simulated fires and the extent of their severity. 
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The overall simulation was in very good agreement with the observed fire in the north and east 

faces of the building, but less so with that in the west face. However, as the critical fire space 

was to the east of the core, the FDS results were deemed acceptable (Arup 2010a).  

 

Fig. 2.9. Arup's FDS gas temperatures at the ceiling level (Arup 2010a) 

To use the FDS simulation for structural analysis, an idealized heating regimen of 1-hour 

heating at 800 °C followed by 1-hour cooling at 20 °C was implemented (Mowrer 2010). This 

approach was based on the ceiling-level temperatures at multiple monitoring points throughout 

the area east of the core, and despite being simple, accounted for the travelling nature of the 

fire, preheating, and conservation of energy (Mowrer 2010). Considering the applied fire 

protection, particularly the assumption that the space between the ribbed floor slab and girders 

was left unfilled with SFRM, heat transfer analysis was performed at the University of 

Edinburgh (Arup 2010a). The scenario of unfilled ‘flutes’ presented with a unique temperature 

distribution in the floor girder where the top flange was the hottest, contrary to standard thermal 

exposure in fire where top flanges would be the least exposed to fire (Arup 2010a; Bailey 2010). 
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Similarly, heat transfer analysis was performed considering filled flutes and using an additional 

heating scenario where the ambient temperatures would peak at 700 °C instead of 800 °C.  

The structural model used by Arup was built in Abaqus/Explicit (Dassault Systèmes 2012) and 

represented the east half of a typical floor, with symmetry boundary conditions representing 

the other side. The ribbed slab was abstracted with uniform-depth shell elements including the 

steel decking and using Concrete Damaged Plasticity to consider material nonlinearity 

(Dassault Systèmes 2012; Lee and Fenves 1998). While most of the steel framing was idealised 

using beam elements, columns 44 and 79 as well as girders 79-80, 76-79, and 44-79 were 

modelled with a higher grid resolution using shell elements as shown in Fig. 2.10 (Arup 2009). 

Likewise, both connections of girder 44-79 and all connections into column 79 were modelled 

in full detail using shell elements to represent the various plates, tie elements to model the bolts, 

and rigid links to represent the welds. Shear studs were only modelled in the northeast corner 

of the floor and were assumed to be rigid elsewhere. Their force-slip relationship was 

temperature-dependent, and ‘broke’ beyond a slip limit of 6 mm as proposed by Huang et al. 

(1999).  

 

Fig. 2.10. Arup's Abaqus model details (Arup 2010a) 

Both mass and time scaling were used to ensure a computationally efficient solution, while 

inertial forces were monitored to maintain reasonably accurate results (Arup 2009). The Arup 

analysis predicted that failure could indeed commence in the vicinity of column 79 during 

either heating or cooling and only if the flutes between the girder and slab were unfilled (Arup 



25 

 

2010a; Bailey 2010). The expansion of the beams in the northeast, as well as the breakage of 

the studs over the girder, results in the girder severing its connection bolts and being pulled off 

its seat (Arup 2010b; a). A summary of the Arup modelling approach is presented in Table 2.3. 

Table 2.3. Summary of Arup's modelling approach 

Integration Dynamic with explicit integration 

Software Abaqus/Explicit 

Scale Half of a typical floor 

Initial condition Undamaged and unheated 

Assumptions 

• Constant piece-wise heating and cooling across the entire model. 

• Tested 4 different fire scenarios consisting of two different temperatures and 

with and without protection in the ribbed slab cavities. 

• The core remained unheated because it was fire rated. 

• The part of the floor that was not modelled was replaced with symmetry 

boundary conditions. 

• Mass scaling was used to maintain the stability of the solution algorithm 

throughout the analysis. 

Mesh 

• The concrete material used for slabs is based on the Concrete Damaged 

Plasticity model. 

• Trench headers were modelled explicitly by leaving gaps in the shell 

elements representing the concrete floor. 

• Used S4R shell elements, B31 Timoshenko beam elements, and CONN3D2 

connector beam elements. 

• Included 4 fully detailed connections, and 250 simplified ones with connector 

elements. 

• Selected shear connectors were modelled explicitly with tie elements with 

prescribed force-slip relationships, while others were assumed to be fully 

connected using constraints. 

 

Given the initiating event assessed by Arup, GNA investigated collapse propagation using a 

full-scale elastic model built in SAP 2000 (Guy Nordenson and Associates 2010). The model 

was supported by multiple nonlinear sub-models that were used to guide the progression of the 

analysis in the large model by indicating which elements were likely to have failed and thus 

needed to be removed from the main model. None of the models used by GNA was thermo-

mechanically loaded and instead as the analyses focused on collapse progression and not the 

assessment of thermally-induced damage. Thermal effects were assumed to have been 

adequately addressed by the prerequisite Arup analysis and were ignored in the progressive 
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collapse analysis. This was done assuming it is a conservative approach that would 

underrepresent the potential of local failures to propagate and grow into a global collapse. Table 

2.4. gives a summary of the GNA analysis. 

Table 2.4. Summary of Guy Nordenson and Associates modelling approach 

Integration Static 

Software SAP2000 Advanced Version 12.0.2 

Scale Entire structure without the Consolidated Edison substation 

Initial condition Undamaged and unheated. Each analysis stage employed conditions from detailed 

sub-models 

Assumptions 

• The model was elastic, but each sub-model included the relevant 

nonlinearities. 

• Material capacity was chosen based on tested values. 

• The only location where a ‘hanging’ slab was allowed to load the perimeter 

is in the northeast corner. 

• The load was taken as a lower bound and neglected any increase in load 

assumed from specific structural strengthening works done after 

construction. 

Mesh 

• No explicit mention of the global model mesh size or element type is made, 

except that the mesh size was selected to give accurate results with a 

reasonable computation time. It is observed from the figures in the reports 

that the mesh was in the order of about 2 m. 

• Connections were left to the sub-models and there is no indication of detailed 

or simplified modelling of connecting elements in the big model. 

 

2.3.2. The analysis by Weidlinger Associates and Hughes Associates 

The WAI and Hughes Associates investigation team performed fire simulation and 

investigation, thermomechanical analysis, and a progressive collapse simulation. The former 

task was handled by Hughes Associates and no data is publicly available about their work 

except what is mentioned in the WAI report. 

From the WAI report, it is assumed that the debris damage not only started the fires over 

multiple floors but also inhibited the fire prevention measures in the building (Weidlinger 

Associates Inc. 2010). It is assumed that most compartmentation was lost and that the sprinklers 

were destroyed due to the debris impact. It is also noted that the presence of widespread fires 

on affected floors resulted in a severely reduced ability to arrest potential progressive collapse. 
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This was caused by the weakening of subsequent floors due to thermal load and the reduction 

of their capacity to resist the potential impact of a falling floor.   

Similar to Arup, WAI also used an explicit dynamic model to study the collapse of WTC7. The 

analysis performed by WAI relied on one full building model, and two sub-models representing 

the eastern bay of one and two floors respectively.  The sub-models were used to study the 

thermo-mechanical response of the east bay, while the full building model was used to study 

the collapse propagation. All models were built using WAI’s in-house nonlinear FE software 

‘FLEX’. All beams, girders and columns were modelled using shell elements and all shear 

studs, welds, connections, as well as slab-beam contact were included in the sub-models. The 

global model was slightly less detailed with connections built as consolidations of uniaxial 

springs based on connection capacity estimation using the component method, and beam 

elements were used to discretise the steel framing.  

The mechanical load was applied to the models by increasing the gravity and the density 

incrementally until the full quasi-static load was applied. Thermal loading was also a quasi-

static phase employing time scaling and incurring few dynamic effects. The thermal loading 

continued until failure initiation, at which point dynamic analysis proceeds until re-stabilisation 

or total collapse.   

The WAI analysis also showed that the collapse had initiated in the eastern part of the building. 

However, the initialising event pointed to by WAI did not occur in the vicinity of column 79 

as Arup had shown, but in the proximity of column 80. According to WAI, severe heating in 

the eastern bay had led to floor deflections in the order of L/15 of the span, which resulted in 

high tensile forces in the floor beams. At the same time, the heating had resulted in high 

connection temperatures which caused the nearest to column 80 to sever and led to zipping-off 

of adjacent beam-girder connections. With this, the eastern portion of the floor would collapse 

impacting a similarly weakened floor below thus resulting in progressive failure of the east 

section of the interior floor of WTC7. Columns 79, 80, and 81 would then be unsupported over 

multiple floors and would buckle causing the kink in the penthouse. The collapsing debris also 

severely damaged the transfer structure on the fifth and sixth floors and resulted in westwards 

internal collapse propagation. The unbraced perimeter columns then buckled and the total 

failure of the structure occurred (Weidlinger Associates Inc. 2010). A summary of WAI’s 

simulation approach is detailed in Table 2.5. 



28 

 

Table 2.5. Summary of Weidlinger Associates modelling approach 

Integration Explicit 

Software FLEX: WAI’s in-house software 

Scale Entire structure 

Initial condition Damaged by debris 

Assumptions 

• The response of each connection type was calculated using the component 

method. 

• Floor framing connections were assumed pinned due to their flexibility and 

ductility in rotation. 

• All columns were fixed at the ground level. 

• There were no details about the sizes of the Consolidated Edison columns, 

and so approximations from WTC7 columns were used. 

• The collapse-generated debris did not accumulate and elements with 

sufficient damage were removed. 

• The detailed sub-model informed the removal of the global model’s 

connections. 

• Steel was modelled with a piece-wise linear isotropic hardening material 

model with both hardening and softening effects, as well as strain-rate 

strength enhancement. 

Mesh 

• Each connection was modelled with a spring for each degree of freedom. 

Failure in any spring within a connection meant the entire connection failed. 

• Perimeter moment connections were not explicitly modelled and were rigidly 

connected. Elements framing into the location of these connections were 

weakened by 50% at their ends. 

 • Element penetration was not allowed via joint springs, and the impact was 

accounted for using ‘pinballs’ (Belytschko and Neal 1991). 

 • 511,000 beam elements, 360,000 8-layered shell elements, 856,000 spring 

definitions for connections, and 575,000 pinballs for impact were used. 

 • Beam elements with coinciding nodes were used with offset to represent 

post-construction changes such as the addition of plates. 

 

2.3.3. The analysis by NIST 

The investigation by NIST commenced after WTC7 debris was cleared, and so the primary 

investigation material was videos of the incident and the information known about the structure 

from the drawings (Frankel Steel Limited 1985; Office of Irwin G. Cantor 1985). To analyse 

the failure, NIST considered four major factors: (1) Structural damage from the debris of WTC 

1, (2) Fire propagation as seen in the videos, (3) FDS modelling of the fire calibrated with the 
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videos, and (4) Nonlinear static and dynamic finite element models of the building (NIST 

2008a; b).  

According to the NIST investigation, the most severe fires were those occurring on floors seven 

through nine and 11 through 13 (NIST 2008a). Fires on other floors may not have had a 

significant effect because they only burned briefly and were not visible on the videos studied 

by the investigators. Floors seven through nine comprised mostly of open-plan offices with a 

fuel load of 20 kg/m2 mainly consisting of office equipment and paper, as was discussed in 

section 2.2.1. The upper fire floors, 11 through 13, had more traditional offices separated by 

partitions and joined with false ceilings. The paper load on these floors was higher and so the 

fuel load NIST arrived at was 32 kg/m2 (NIST 2008a; b). With this data, NIST used FDS to 

produce a model of each of the fire floors individually. The models for floors seven, eight, and 

12 were calibrated based on the visibility of flame and glass breakage in the videos. The models 

for the fire on the ninth floor was derived from the eighth-floor model, and the models for 

floors 11 and 13 were based on the 12th floor model due to lack of sufficient footage for 

calibration of each model. Using FDS derived gas temperatures NIST calculated the 

temperature profiles in the structural members. This was done three times as the gas 

temperatures were varied up and down by 10% to create three thermal scenarios that would 

envelop the potential building fires and account for uncertainties in the FDS simulation to some 

extent (McAllister et al. 2012; NIST 2008b).   

The structural analysis of the building was performed in two stages: stage (1) Implicit pseudo-

static analysis of the bottom 16 floors of the building considering the thermomechanical effects, 

and (2) Dynamic explicit model of the entire building to investigate the debris impact, the effect 

of thermal degradation, and the potential collapse propagation (NIST 2008a). The first model 

was created in ANSYS and accounted for shear stud connection failure in the eastern part of 

the fire floors, lateral-torsional buckling of floor beams, and removal of slab sections that had 

reached large strains. Connections were modelled as collections of springs in series or parallel 

depending on the type of connection modelled, and shear studs were modelled as ‘break 

elements’ that would be removed once they reached their capacity (McAllister et al. 2012). The 

results of the first model analysis showed the same behaviour occurring but at a slightly 

different time due to the slightly different temperature histories. The thermo-mechanical 

damage generally resulted from connection failure which led to the loss of vertical support of 

several floor beams. Lateral torsional buckling also occurred in some members for which the 

shear studs broke and thus lateral support was no longer provided. The analysis was stopped 
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after 3.5 to 4 hours of heating, and the results were transferred over to a dynamic explicit model 

built in LS-DYNA (McAllister et al. 2012; NIST 2008a). A summary of this model and the 

assumptions made within it are listed in Table 2.6. 

Table 2.6. Summary of NIST’s thermomechanical modelling approach 

Integration Implicit, pseudo-static 

Software ANSYS 

Scale Ground floor to floor 16 

Initial condition Perfect 

Assumptions 

• Three thermal loading scenarios were used: A) FDS temperatures; B) FDS 

temperatures × 1.1, and C) FDS temperatures × 0.9. 

• Heating and cooling histories from each scenario were applied to each node 

at 30-minute intervals with linear interpolation in between. 

• When a shear stud reaches its assumed capacity of 86.7 kN it is considered 

to have immediately failed.  

• Primary girders were assumed to be non-composite with the slab and had no 

shear studs. 

• When a beam lost its shear studs, it could suffer lateral-torsional buckling. 

• Beam connections failed when lateral or axial movement was sufficient for 

‘walk-off’ failure. 

• Concrete was modelled with isotropic plasticity without strength 

degradation. Concrete layers where compressive or tensile strains reached 

0.004 or 0.0015 respectively were softened to the stiffness of only the wire 

mesh. 

• Slabs whose supports had failed and had strains larger than 3% thus causing 

numerical difficulties were removed. 

• Connection failure was not allowed west of column line 73-74-75 and in the 

perimeter frame because NIST had judged they did not contribute to the 

collapse. 

• Analysis was terminated just at the onset of column buckling. 

Mesh 

• Finite strain beam (BEAM188) and shell elements (SHELL181) for large 

rotation and strain were used to model the framing and floors. 

• The shell and beam elements had the same mesh dimension with a length of 

0.9 m. The columns were meshed with 0.6 m long elements. 

 • Nonlinearity was limited to floors eight through 14; other floors were fully 

linear and represented by a super-element. 

 • The model had 101,000 elements and took 6 months to run on a 64-bit 

workstation. Parallel processing was prevented because the model used user-

defined elements. 
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The second model, which is summarised in Table 2.7, was analysed in incremental steps, 

starting with gradual application of dead load to avoid introducing undue vibrations into the 

structure. The impact and damage from the WTC1 debris were then added instantaneously, and 

the model was allowed to stabilise. The addition of the debris impact indeed showed that the 

structure could redistribute its load-bearing capacity and avoid disproportionate damage or 

collapse as was observed and mentioned in section 2.2.3. The temperature of the structure was 

then gradually increased up to the levels reached in the ANSYS model to induce the effects of 

restrained thermal expansion, before finally applying material and component damage 

instantaneously to the model. After the damage was applied, the model showed that the 

structure would collapse (NIST 2008b).  

The collapse of WTC7 according to the NIST models and investigation primarily initiated 

because of connection failure. The connection between the internal column 79 and the girder 

linking it to perimeter column 44 failed by girder ‘walk-off’ during the heating phase (NIST 

2008a). That is, the girder was pushed west by thermal expansion of the beams framing to it 

from the east, and caused it to dislocate from its connection to column 79. Given that the girder 

was assumed to not be composite with the slab, this caused it to fail. To the east of column 79, 

many of the floor beams were lost to either loss-of-vertical-support or lateral-torsional buckling. 

The severe heating and restrained expansion of the floor slab caused what remained of the floor 

to lose its stiffness by concrete crushing, and severely weakened the fire floors. This resulted 

in partial collapse which could not be impeded and caused cascading floor failure that left 

column 79 unsupported over nine floors. Column 79 then buckled, inducing the kink observed 

in the collapse video and discussed in section 2.2.3. The buckling of column 79 was followed 

by similar failures of columns 80 and 81, and then the progressive collapse of the adjacent 

column lines as shown in Fig. 2.11. The apparent implosion of the interior of the building was 

followed by failure of the perimeter frame starting at a location adjacent to the entry point of 

the majority of the WTC1 debris damage in the southwest of the structure. The perimeter 

columns failed in quick succession and the complete failure of the building then occurred 

(NIST 2008b).  
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Fig. 2.11. Collapse sequence as predicted by NIST (NIST 2008b)  

Table 2.7. Summary of NIST’s progressive modelling approach 

Integration Explicit 

Software LS-DYNA 

Scale Full building 

Initial condition Damaged by debris, and end-conditions of the first model 

Assumptions 

• Connection failure was simplified for lateral loads, with nonlinear spring 

elements added for the shear component. 

• Seated connections were modelled in detail including the bolts, bearing seat, 

and contact. 

Mesh 

• Shell elements had a size between 0.15 m and 0.3 m and were used to model 

the floor framing and columns. 

• Beam elements were used for the penthouse and for modelling the diagonal 

bracing. 

 • The model had 3.6 million elements and took 8 weeks to run a 15-second 

simulation of real collapse time. 

 

2.3.4. The potential for a mechanical room fire 

As previously mentioned in section 2.2.2., the Salomon Brothers emergency power system was 

designed as a pressurised loop where fuel would continuously be pumped from the storage 
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tanks as long as the generators were operational. As there was no indication of any automatic 

leak-detection system in the Salomon Brothers system, all available fuel could have been 

available at the fifth floor to feed a potential fire there (NIST 2008b). NIST did consider this 

scenario in their analysis but dismissed it based on three reasons:  

1. A pool fire would have raised the temperature beyond the generator operational limit 

thus cutting the power supply to the fuel pumps effectively cutting the loop. 

2. Even if a fire had occurred, it would not have heated the structure to critical levels. 

3. A critical fire around the generators would have resulted in significant exhausted 

smoke visible from the outside of the structure but none were seen.  

This assessment was based on FDS results assuming a pool fire occurring in the vicinity of 

column 79 just outside the mechanical room located on the fifth floor (NIST 2008b). However, 

a fire could have arisen in the mechanical room if: (a) a breach in the fuel line and masonry 

wall of the mechanical room may have led the fuel line to leak inside of it, or (b) a fire started 

just outside the mechanical room and propagated into it through damage in the separating 

partition. Both scenarios would have heated the large transfer trusses in the mechanical room 

resulting in potentially critical damage to the structural integrity of the building. Such a diesel 

fuel fire would likely generate large amounts of smoke that should have been visible outside 

the east face of the structure as noted by NIST. During the last hours of the fires of WTC7, 

however, smoke was everywhere. Furthermore, the part of the seventh floor atop the 

mechanical room had multiple large openings that may have provided an avenue for the smoke 

to propagate elsewhere into the building and potentially exhaust from elsewhere. Indeed, as 

noted by Mowrer (2010), dark smoke indicative of hydrocarbon combustion was observed in 

the videos and witnessed by first responders after 3:30 PM just outside the northeast corner of 

the building as seen in Fig. 2.12. (Guy Nordenson and Associates 2009). This may potentially 

have been smoke exhausted due to a fire in the mechanical room.  

Assuming a pool fire did indeed start in the mechanical room, an FDS analysis was run by the 

BRE Centre for Fire Safety Engineering (2010). Several ventilation conditions were assessed 

considering the opening of the mechanical room to the plenum east of the building. The results 

were then compared to the Thomas curve since the fire had reached steady-state combustion 

within 300 – 600 seconds in all the assumed ventilation test cases. All FDS simulations gave 

predictions below the Thomas curve indicating that the analyses were conservative and within 

the range of recorded experimental data. If such a fire did indeed occur, then it is likely that it 
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would have compromised the stability of the structure by affecting the transfer trusses in the 

mechanical room. This will be explored in more detail in Chapter 6 where the tools developed 

in this research are put to the test of simulating WTC7 subject to a potential mechanical room 

fire. 

 

Fig. 2.12. Smoke outside the northeast corner of WTC7 between 4:15 and 4:38 PM (Guy Nordenson and 

Associates 2009) 

2.4. Conclusion 

It has been established in this chapter that WTC7 was well-designed for fire as per the 

traditional prescriptive rules of the time (NIST 2005a). Nonetheless, the debris impact from 

WTC1 caused widespread fires to erupt in the building and cut water supply to the sprinklers 

on the bottom 20 floors. Fires were particularly persistent on the seventh through ninth floors, 

and on the 11th through 13th as observed from the videos of the building up to its collapse (NIST 

2008b). After about seven hours of the beginning of the fires, WTC7 finally collapsed at 5:21 

PM. By studying the collapse video, it was seen that the penthouse on the roof of the building 

was the first indication of the imminent failure (NIST 2009). A kink was first observed in the 

east penthouse, followed by it sinking into the building. The west part of the penthouse also 

sunk in starting at its eastern edge, and another kink in the building edge began to form. The 

studied collapse video then shows that as the building collapsed, it moved slightly to the east 

and to the north, which is opposite to the location of the entry-point of the WTC1 debris. 
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Because of this observed failure, it has been considered by all investigators that the failure 

occurred somewhere on the eastern side of the building. 

All of the expert investigation teams relied on large finite element models to study the initiation 

and then propagation of the failure. Arup built an Abaqus model of the eastern half of the 

building and subjected it to a uniform temperature exposure based on the results of their 

detailed FDS analysis. This showed that the building collapse started in the northeast corner of 

the building at the connection to column 79. GNA then performed a collapse propagation study 

using a large linear model and multiple nonlinear sub-models. Their study showed that the 

initiating event would result in the progressive collapse of the structure. WAI built a highly 

detailed FE model using their proprietary explicit dynamic software FLEX. All beams and 

columns were modelled using shell elements, and the temperatures used came from publicly 

currently-inaccessible FDS studies performed by Hughes Associates. The WAI study showed 

that the collapse would initiate in the proximity of column 80 and would be unstoppable 

because of the multi-floor fires happening on consequent floors. NIST built an implicit 

dynamic model in ANSYS to study the thermomechanical effects, and an explicit dynamic 

model in LS-DYNA to examine the collapse propagation. The models showed that the collapse 

would initiate as column 79 lost its support due to its connection failure, which then caused it 

and columns 80 and 81 to buckle. The collapse then propagated to the west as the core columns 

buckled followed by the perimeter columns also failing. Finally, a potential mechanical room 

fire was assessed by the BRE Center for Fire Safety Engineering and it was found that such a 

fire would reach steady-state burning within 5 to 10 minutes. Indications of hydro-carbon 

smoke were also seen in some of the photographs, which makes this potential fire scenario the 

root of yet another possible collapse hypothesis. This hypothesis will be used as a case study 

to test the integrated simulation environment developed during this PhD in Chapter 6 of this 

thesis. 

One of the many important points to take from the investigations is that the collapse of WTC7 

requires a good level of accuracy in simulating composite floor systems at a large scale. The 

constituents of such an accurate simulation should be based on experimental observation and 

theoretical understanding of the failure mechanisms of composite floor systems.  A wealth of 

this information has been produced on this topic over the last two decades, and it will be 

reviewed in the next chapter.  
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Chapter 3. Literature Review of Composite 
Slab Behaviour in Fire 
3.1. Introduction 

As discussed in the last chapter, analysing the failure of World Trade Center 7 (WTC7) requires 

a simulation environment capable of accurately modelling composite floor systems. Over the 

last two decades, an abundance of research on the behaviour of composite slabs has been 

produced. This chapter aims to aggregate and analyse this research to formulate an 

understanding of the behaviour of composite floor system behaviour in fire. The first section 

deals with the experimental investigations performed on isolated composite slabs and on slabs 

that are part of a composite floor system. Following that, a brief review of the theoretical 

models developed for assessing the behaviour of these slabs is performed. It is hoped that by 

reviewing the literature on both experimental and theoretical studies, a better integrated 

simulation environment can be developed in this research.   

3.2. Scope of this review 

Over the last two decades, significant experimental efforts have been expended to understand 

the behaviour of composite floors in fire. A multitude of experiments on one-way spanning 

composite beams with various beam, slab, and connection properties are presented in the 

literature. While one-way experiments of isolated members may offer some preliminary insight 

into the behaviour of composite floors particularly in the earlier stages of fire, this work is more 

interested in the mechanics of two-way behaviour, the contribution of the floor plate, and the 

development of tensile membrane action. The studies reviewed in this chapter only consider 

flat slabs or composite slabs; other types of composite floors such as slim-floor systems are 

outside the scope of the current work. Moreover, studies performed at ambient temperatures 

are only considered when they were explicitly designed and carried out as a representation of 

structures in fire such as the case in Cashell et al. (2011a) and Bailey et al. (2000). Finally, as 

much of the older literature was adequately reviewed elsewhere (Bisby et al. 2013; Wang 2005), 

this paper will focus only on work published in English starting from the year 2000.  
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3.3. Isolated slabs with simplified support conditions 

3.3.1. BRE large slab 

Bailey et al. (2000) performed a large scale ambient test to simulate tensile membrane action 

in composite slabs in fire at the Building Research Establishment (BRE). The floor slab cast 

had a footprint of 9.5 m × 6.5 m and was on average 150 mm with 60 mm deep ribs spaced 200 

mm apart. The concrete was cast on ribbed shuttering without embossments and not on standard 

steel decking profiles. In addition, the steel profile used was greased and coated with 

cellophane to prevent bonding with the concrete. This was done to avoid damaging the 

specimen when the steel profile is ripped off the slab to simulate the assumed debonding and 

loss of steel decking due to elevated temperatures. An anti-cracking mesh was used to reinforce 

the specimen 15 mm atop the ribs. The wires were 6 mm in diameter and spaced at 200 mm in 

both directions. The average yield and ultimate stresses were 584 MPa and 641 MPa 

respectively with an average ultimate elongation of 12.2%. Grade C35 lightweight concrete 

was used, but no measured strengths were reported. 

The slab was supported on all four edges over a steel frame with an overhang in both directions. 

In addition, a steel column with a roller was placed within the span of the edge beams to provide 

additional vertical restraint without additional rotational restraint. The edges of the slab were 

connected to a steel frame using Hilti HVB95 shear connectors spaced at 100 mm on the short 

edges (parallel to the ribs) and in pairs spaced at 200 mm on the long edge (perpendicular to 

the ribs). Each of the shear connectors had a capacity of 35 kN and were arranged to have an 

equivalent capacity to the shear connector arrangement used in the Cardington experiments. 

The load was applied over 16 points spread over the area of the slab. To ensure that the load is 

perfectly vertical, semi-circular steel wedges on steel plates were used on the load points.  

The test was performed in three stages. In the first stage, the steel profile was removed which 

meant the slab had to support its self-weight of 2.3 kN/m2 without the help of the steel deck. 

This self-weight resulted in the development of the yield-line theory cracks and a central 

deflection of 59 mm (Bailey et al. 2000). In the second stage, the loading apparatus was 

installed and fitted to the slab to apply an equivalent uniform distributed load (UDL) which 

resulted in deflections reaching about 113 mm including about 4 mm of creep. In the last stage, 

an equivalent UDL of 3.65 kN/m2 was applied followed by 1 kN increments at the load-points 

until the failure of the slab which occurred at an equivalent uniform load of 4.81 kN/m2. The 

deflection-time curve for this last loading stage is shown in Fig. 3.1 (a), and shows that at 
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failure the slab had a deflection of 700 mm. That is equivalent to L/9.3 where L is the length of 

the short direction.  

 

Fig. 3.1. The results of the Bailey et al. (2000) experiment (a) load-deflection curve, and (b) failure mode 

The slab failed when a central through-depth crack developed across the short span. The 

reinforcement mesh fractured within this crack, and the slab was divided into two sections 

allowing for another diagonal crack to form and cause ultimate failure of the slab as shown in 

Fig. 3.1 (b). Concrete crushing occurred in the middle span of the long direction at both ends 

from the central crack, and cracks formed at the corners and parallel to the short span as shown 

in the figure. Lateral inward deflection of the central point of the long span occurred at both 

ends as the tensile membrane action developed. The opposite occurred along the short span, 

however, with the edges pushing out. Bailey et al. (2000) delegated this phenomenon to 

buckling of the short-direction beams which were under compression as they supported the 

large deflections of the slab.  

This experiment was one of the earliest explorations of the failure of slabs in fire in tensile 

membrane action. It later served as an important validation case for the development of the 

BRE design method for slabs in fire. The failure occurred as a result of tensile fracture of long-

span rebars with a large through-depth crack forming across the short span. This failure mode 

will be repeatedly explored in many of the coming experiments that will be discussed in this 

chapter. As Bailey et al. (2000) note, however, one must be careful when extending the results 

of this experiment to the fire-dominated scenario. While large deflections may indeed be 

present, it is likely that the extent of these deflections, the stress state within the slab, and the 

material properties would be very different. The interaction between the supporting structure, 

slab, and shear connectors was rather intriguing in this experiment. While the long span pulled 
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in due to large deflections, the short direction beams were pushed out. It is reasonable that 

buckling of the short-span supporting beams may be responsible, with the buckling direction 

governed by the slab rotation at the supports (Bailey et al. 2000). However, it is questionable 

whether such a mechanism would be observed in a real fire. 

3.3.2. BRANZ slab tests 

Lim and Wade (2002) performed a series of six full-scale elevated temperature tests on simply 

supported reinforced concrete, composite concrete on steel deck, and special construction 

specimens. All specimens had a rectangular footprint of 3.3 m × 4.3 m but were varied in 

thickness depending on their type. The three reinforced concrete slabs, 661, D147, and HD12, 

were 100 mm thick and had a varied reinforcement type and ratio as specified in Table 3.1. 

The two composite specimens, denoted as Hibond and Traydec, had a thickness of 130 mm 

and used 0.75 mm thick steel decking with a yield strength of 550 MPa. The Hibond slab had 

a 55 mm deep ribbed profile while the Traydec slab had a flat profile with 60 mm deep hooks 

connected to the steel decking. The last slab, Speedfloor, was constructed with 3 mm thick steel 

joists. In all specimens, the reinforcement in the short direction was placed below the long 

direction rebars, while the ribs and joists of the Hibond and Speedfloor specimens were 

constructed along the long span. The Speedfloor specimen will not be discussed any further in 

this section as it falls outside the scope of this review.   

Table 3.1. Specifications of test specimens for the BRANZ fire tests (Lim et al. 2004; Lim and Wade 2002) 

Specimen Thickness 
Reinforcement 

type 

Reinforcement 

area 

Rebar 

yield 

strength 

Steel 

deck 

Deck 

yield 

strength 

Concrete 

cover 

661 100 mm 
Cold-drawn 

plain mesh 
295 mm2/m 568 MPa _ _ 25 mm 

D147 100 mm 
Cold-drawn 

deformed mesh 
198 mm2/m 565 MPa _ _ 25 mm 

HD12 100 mm 
Hot-rolled 

deformed bars 
565 mm2/m 468 MPa _ _ 25 mm 

Hibond  130 mm 
Cold-drawn 

deformed mesh 
198 mm2/m 565 MPa 

0.75 

mm 
550 MPa 20 mm 

Traydec  130 mm Not specified Not specified 
Not 

specified 

0.75 

mm 
550 MPa 15 mm 

Speedfloor 90 mm 
Cold-drawn 

plain mesh 
300 mm2/m 568 MPa 

3.0 

mm 
350 MPa 25 mm 
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The experiment was designed to capture the behaviour of simply supported slabs in fire, and 

so all slabs were unrestrained laterally and rotationally at their edges. This low level of restraint 

resulted in the corner of slabs 661 and HD12 curling upwards due to thermal gradient and thus 

diverge from the intended support conditions. Specimen D147 and the remaining composite 

slabs were tested with steel clamps holding their corners down. A unique hydrostatic loading 

apparatus was used to apply a uniformly distributed live load to the slabs with a magnitude of 

3 kN/m2, in addition to the self-weight of the specimens. The total load including the self-

weight of the specimens varied between 5.31 kN/m2 up to 6.02 kN/m2. All specimens were 

subjected to the ISO 834 temperature-time curve in the same furnace conditions for up to three 

hours. Thermocouple trees, strain gauges, and rotary potentiometers were used to measure the 

experimental temperatures, strains, and deflections respectively.  

In all experiments, the temperature within the furnace followed the ISO 834 temperature-time 

curve closely, with small variations encountered during the heating of D147 due to the lifting 

of the corners which allowed hot air to escape the furnace. The maximum temperatures reached 

in the rebars was 746 °C in 661, just about 700 °C in HD12, and just below 800 °C in D147. 

In the Hibond slab, the temperature was measured in the reinforcement within the thin 

continuous portion and the rebars above the ribs. The rebars located above the ribs showed 

temperatures that are about 200 °C lower than the temperatures in the thin continuous portion 

of the slab, which reached above 700 °C. The temperatures in the Traydec slab were 

significantly lower due to its greater volume of concrete and therefore its added thermal 

capacity. The maximum rebar temperatures in this specimen only reached below 400 °C. The 

temperatures on the unexposed side of the slab were also recorded and were compared to an 

insulation criterion limiting temperature rise on the unexposed side to less than 140 °C. Given 

the severity and duration of the thermal exposure, this criterion met the design duration in all 

specimens except the Hibond slab but was ultimately violated on every test. For this specimen, 

the predicted fire resistance was 105 minutes which overestimated the true insulation time by 

a marginal 2 minutes.  

The central deflection of all slabs was measured throughout the experiment and is shown in 

Fig. 3.2 (a). As expected, the deepest specimen, Traydec, had the least severe deflection 

reaching a maximum just above 125 mm. The reinforcement ratio had a pronounced effect on 

the deflections of the flat specimens. The most heavily reinforced flat slab HD12 reached a 

maximum deflection of about 155 mm, compared to about 200 mm and almost 270 mm for 
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specimens 661 and D147 respectively. Despite having different magnitudes of deflections, all 

slabs demonstrated a very similar deflection pattern.  

In the early stages of the fire, the deflection of the flat slabs was rapid until about 30 minutes 

of the fire, at which point the deflection rate declined. The initial slope change takes place in 

both composite slabs at a significantly earlier point in time corresponding to the time between 

10 and 15 minutes. This may be related to the presence of the steel decking which would slip 

away from the concrete and provide radiation protection. Lim and Wade (2002) also note that 

a pocket of air between the buckled steel decking and slab may have provided additional 

insulation thus reducing the temperatures in the slab in the early stages of the thermal exposure. 

This explanation is reasonable since in the early stages of a fire thermal expansion is dominant. 

However, upon closer inspection of the experimentally recorded temperatures such as those of 

specimen HD12 and the Hibond composite slab at a depth of 30 mm from the exposed surface 

as shown in Fig. 3.2 (b), this explanation becomes less compelling. While it is true that the flat 

slab has higher temperatures, the rate of heating is similar. No significant difference in heating 

is observed between the flat and composite slabs, which means that the heating rate is not 

responsible for the different deflection rates early in the fire.  

 

Fig. 3.2. Results from the BRANZ tests (Lim and Wade 2002) (a) deflections for all specimens, and (b) 

recorded temperatures 30 mm away from the exposed surface  

The cracking patterns for all tested slabs were similar with primary cracks occurring across the 

short direction and over the corners. The first tests had diagonal cracks appearing from the 

corners and propagating towards the middle of the slab. This process was more rapid in the 

slabs with the clamped corners, with the additional manifestation of 45° cracks across the cross 

section that met with the diagonal surface cracks. In all specimens tested, cracks in the middle 
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of the slab appeared and propagated across the short direction. The short direction cracks were 

transverse to the ribs of the ribbed slabs. These cracks appeared at regular intervals comprising 

multiples of the reinforcement spacing and penetrated through the depth when reaching the 

supports as shown in Fig. 3.3 (a) for specimen D147. Cracks parallel to the longitudinal slab 

edges also appeared in 661, D147, and the Hibond slab. In addition to these cracks, a large 

longitudinal crack appeared in the middle of D147 and the Hibond slab and penetrated through 

the depth of the specimen. No cracking was observed on the underside of specimens 661 and 

HD12 after the experiment, and no spalling was observed in any of the flat slab tests. Many of 

the cracks that had appeared on the top surface of D147, however, were clearly visible on the 

underside as well which can be seen in Fig. 3.3. (b).  

 

Fig. 3.3. Cracking in D147 appearing in the (a) top surface, and (b) bottom surface (Lim and Wade 2002) 

After the test, the steel deck was detached from the concrete and significant spalling in the 

concrete was observed and kept in place by the steel deck. This was not observed in the Traydec 

slab for which the steel deck had debonded from the concrete but stayed in place due to the 

steel anchors. Another interesting crack observed in the Hibond specimen was a through-depth 

shear-like crack separating the rib and flat of the slab. This kind of crack, as will be seen, was 

observed in other experiments such as the Tongji University and the Purdue composite floor 

tests (Li et al. 2017; Wellman et al. 2011). 

The BRANZ experiments comprise a fundamental piece of experimental work regarding the 

behaviour of reinforced concrete and steel-concrete composite slabs in fire. Three-hour 

exposure to standard fire is likely beyond the realm of temperatures most structural elements 

are expected to be subjected to but provides a valuable dataset for future work.  These 

experiments are particularly useful today for validating computational models and assessing 

the importance of various aspects of numerical discretisation on the behaviour, as they are used 
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in the next chapter of this thesis. The free boundary conditions and long thermal exposure 

allowed for very large deflections up to the order of L/13 to develop. In all specimens, the most 

fundamental cracks appeared around the centre of the slab and propagated across the short 

direction indicating that the tensile stresses and concrete damage were highest across that 

location. While diagonal cracking also formed, these cracks were not very significant. They 

may, however, compliment the yield line theory model developed by Bailey et al. (2000). The 

clamping of the corners of the slabs resulted in more serious through-depth cracks forming at 

a 45° angle and connect with the diagonal cracks.  It is this mechanism that may be more critical 

for simulation compared to the diagonal cracks because it fundamentally changes the boundary 

conditions for the slab. From the results of this study, there did not seem to be any significant 

difference between the behaviour of composite and flat slabs.  

3.3.3. BRE small scale tests 

Bailey and Toh (2007) performed a series of 44 small scale tests on slabs at both ambient and 

elevated temperatures to assess refine the yield-line approach for modelling slabs in fire. The 

samples tested had one of two footprints: 1.2 m × 1.2 m or 1.8 m × 1.2 m, both of which had a 

thickness of 20 mm with a 5 mm concrete cover. 24 of the 44 specimens used stainless steel 

reinforcement, while the other 20 specimens utilised mild steel wires. The wire mesh used for 

reinforcement of the specimens had wires as thin as 0.68 mm in diameter and as thick as 3 mm, 

spaced between 6.35 mm and 50.8 mm apart. As per the actual specimen and reinforcement 

dimensions, this resulted in reinforcement ratios between 0.21% and 0.82% but with different 

steel grades and ductility. The reinforcement type and ratio were intended to be similar to those 

used in steel-concrete composite floor systems.  

All specimens were supported on rollers with gently clamped corners allowing rotation and 

lateral translation. The samples were separated into two groups each consisting of 22 specimens. 

One group was tested at ambient, and the other was tested at elevated temperatures. The 

elevated temperature tests were performed using an electric furnace with a heating rate of 

300 °C/h. A test load, different for each slab and highly dependent on logistical constraints of 

the experimental set-up, was applied and maintained and then the kiln was turned on. The 

temperature in the kiln was allowed to climb up to 1000 °C in just under 3.5 hours and then 

maintained until the failure of the specimen. The very thin thickness of the specimens, less than 

even the typical cover of real reinforced concrete members, makes the temperature profile 

achieved in the specimens unrepresentative of real fire scenarios.  
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The tested specimens failed at different levels of deflection which correlated with their 

reinforcement levels. Bailey and Toh (2007) updated the yield line method to predict the level 

of deflection at which failure would occur and showed that it compares favourably with the 

ultimate deflection of some of the experimental observations as shown in Fig. 3.4 (a). 

  

Fig. 3.4. Results from the BRE small scale tests (Bailey and Toh 2007) (a) comparison between analytical 

predictions by yield line and experimental values, and (b) typical failure by reinforcement rupture 

Failure occurred due to rebar rupture across the short direction as shown in in Fig. 3.4 (b), or 

because of concrete crushing at the corners of the specimens. The first kind typically occurred 

when the slabs were lightly reinforced, while the compressive failure took place in more 

heavily reinforced specimens or specimens reinforced with ductile reinforcement such as 

stainless steel.  The Bailey and Toh (2007) tests presented here provided a basis for validating 

and updating the yield-line design method. The failure mode and cracking observed indicate 

that simply supported slabs are likely to fail by reinforcement rupture across the short span or 

by concrete crushing at the corners.  

3.3.4. The Imperial bond and ductility experiment  

Tests conducted at the Imperial College London (Cashell 2009; Cashell et al. 2010a, 2011a) 

aimed to understand the relationship between bond strength, ductility, and ultimate capacity of 

lightly reinforced floor slabs in fire. Twenty two-way slab specimens were built and tested at 

ambient conditions with different dimensions, rebar type, concrete strength, reinforcement 

ratio and arrangement. Eighteen of the twenty slabs were tested with simply supported 

boundary conditions, while two were tested with restrained edges. Rebar properties and 

descriptions are provided in Table 3.2, where fsy is the yield strength or 0.2% proof stress, fsu is 

the ultimate strength, and εsu is the ultimate strain. The four specimens that use a profiled 

decking were stripped of it before testing to simulate loss of steel deck in fire conditions due 

to buckling and debonding.  
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Table 3.2. Rebar type and properties based on average of at least 3 samples (Cashell et al. 2011a) 

Designation Description steel type fsy (MPa) fsu (MPa) εsu 

D8 Deformed bars with 8 mm diameter cold-worked 551 624 0.05 

D6 Deformed bars with 6 mm diameter cold-worked 553 602 0.04 

M6 A142 welded mesh of 6 mm deformed bars cold-worked 550 589 0.025 

P6 Plain bars with 8 mm diameter hot-rolled 249 330 0.21 

 

During testing, the specimens were placed over a stiffened steel frame supported on four 

concrete blocks fixed to the lab floor allowing rotation and translation at the slab edges. For 

the two fixed edge tests, additional steel framing was bolted to the existing framing providing 

lateral and rotational restraint around the edges of the specimens. The load was applied at 12 

points on the face of the slab using a custom-built apparatus consisting of steel sections, plates, 

and ball joints ensuring equal distribution of force. The loading apparatus approximated 

distributed load which was applied until failure of the tested specimens.   

Despite this experiment being performed specially to investigate the behaviour of composite 

and lightly reinforced slabs in elevated temperatures, there is no thermal loading and all of the 

tests were performed at ambient conditions. The rationale for this approach is that despite being 

conducted at ambient, the experiments would examine the behaviour of floor slabs undergoing 

large deflections and particularly focus on the failure mechanism achieved by such members. 

It was believed that the failure mechanism uncovered would be similar to what would be 

observed in fire and that thermal exposure may simply accelerate the process. In the case of 

restrained edges, thermal expansion and its induced forces would likely dominate the behaviour 

and reduce the reliability of the ambient test in representing thermomechanical behaviour. For 

this reason, the restrained specimens will not be discussed further in this section. 

The load-deflection history of the tested specimens was variably influenced by the different 

parameters that were changed, particularly the rebar type and its strain hardening. As shown in 

Fig 3.5, the specimen with the plain rebars R-F60-P6-A reached significantly larger deflections 

and lower load before reaching failure. On the other hand, specimens with the deformed rebars 

obtained higher ultimate capacity but failed at almost half the deflection capacity. Cashell et al. 

(2011a) delegated this effect mostly to stress concentration in the rebars causing early failure. 

It must be noted, however, that the plain rebars used hot-rolled steel with an ultimate strain of 

0.21, which is between 4 to 8 times the ultimate strain of the other deformed bars as shown in 
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Table 3.2. Furthermore, the ultimate strength of the plain bars was also about half that of the 

deformed bars explaining some of the difference in ultimate capacity.  

 

Fig. 3.5. Comparison between the load-rotation relationship for specimens with different reinforcement types 

(Cashell et al. 2011a) 

Failure in the tested specimens occurred in one of three mechanisms: (1) Rupture of the rebars, 

(2) Crushing of concrete, or (3) Punching shear. Out of 18 tested specimens, 13 failed in tensile 

rupture of the reinforcement, three failed in compression, and two suffered from punching shear. 

The tensile failure of the reinforcement often occurred at through-depth cracks in the short 

direction and resulted in a sharp drop in the load-carrying capacity. Failure by crushing of the 

concrete in the compressive region occurred in the specimens that were heavily reinforced, and 

in which the D8 rebars demonstrated more strain-hardening than the other reinforcement types 

used (Cashell et al. 2011a). The two specimens that were reinforced with plain rebars failed in 

punching. This indicates that the plane rebars may have been capable of carrying tensile 

membrane action efficiently, but the absence of dowel action and confinement introduced by 

bonded rebars may have reduced the shear capacity of the specimen. It is, once again, difficult 

to make a judgement over this issue based on the experimental data since the plain rebars had 

vastly different constitutive properties from the ribbed rebars used as seen in Table 3.2.  

The tests presented in Cashell and Cashell et al. (2009; 2011b) were performed at ambient 

temperatures to explore the large-displacement behaviour and failure mechanisms. Significant 

attention was paid to the contribution of bond strength in failure, and important insights were 

drawn and used for validation of an analytical method discussed later in this chapter. The 

effects of aspect ratio, reinforcement ratio, section depth, and reinforcement type were also 

amongst the investigated parameters. Extension of these results to the thermo-mechanical 
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realm was done numerically in follow-up work (Cashell 2009; Cashell et al. 2010b; Florides 

and Cashell 2017). 

3.3.5. Southeast University profiled slab tests  

Fan et al. (2015) tested two concrete-steel composite profiled slabs subjected to 90 minutes of 

heating according to the ISO 834 temperature-time curve. The slab ‘sheets’ had a footprint of 

3 m × 1.86 m and were 130 mm deep. The concrete used in the experiment was particularly 

weak with a compressive strength of 11.9 MPa. The steel decking was 1 mm thick and had a 

yield strength of 235 MPa with 51 mm deep ribs 253 mm apart. A reinforcement mesh with 

150 mm × 150 mm and 8 mm diameter bars was used as top reinforcement 25 mm below the 

surface of the slab. The reinforcement had a yield strength of 310 MPa. It is immediately clear 

that the concrete strength was too low to be characteristic of typical construction. 

To produce fully restrained boundary conditions, a reinforced concrete rectangular beam was 

used around the perimeter of the slab as shown in Fig. 3.6. Mechanical load was applied over 

five points using a steel plate and steel hemisphere to distribute the point loads and ensure load 

remained vertical even at high deflections. The slab specimen was placed over the furnace as 

shown in the figure, loaded mechanically at ambient, and then heating was applied as per the 

ISO 834 temperature-time curve. Temperatures and deflections were recorded throughout the 

experiment.  

 

Fig. 3.6. Edge restraint for the tested specimens (Fan et al. 2015) 

The furnace used in the experiment struggled to achieve the ISO 834 temperatures and there 

was a maximum difference of about 250 °C between the two. Despite this, the furnace 

temperatures were on average within 100 °C of the ISO 834 curve especially in the later stages 

of the test. Slab bottom temperatures lagged behind the furnace temperatures until about 70 

minutes into the test, reaching maximum temperatures approaching 800 °C. The temperature 
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of the unexposed surface reached about 90 °C. As the rebars were 25 mm from the top of the 

specimens, their temperature remained just below 250 °C throughout the test.  

The deflection was 19.5 mm (L/95) even before the thermal loading. Maximum deflections 

achieved in the specimens were about 110 mm and 90 mm, which is less than the total slab 

thickness but about L/17 and L/21 where L is the length of the short edge of the slab. The 

thermo-mechanical deflection was a continuous line without any slope-change points, as 

cracking and change of stiffness had already occurred during the mechanical loading as shown 

in Fig. 3.7 (a) and (b).  

 

Fig. 3.7. Load-deflection of specimen 2 (a) mechanical loading, (b) thermal loading (Fan et al. 2015) 

The first cracks were corner cracks and occurred during the mechanical loading stage, as 

expected. The cracks that developed during the heating phase were concentrated on the edges 

and corners of the slab. Cracks were also observed on the bottom of the slab and under the 

loading points. Unfortunately, the very low concrete strength and unclear photographs 

presented of the experimental observations make it difficult to interpret the crack patterns. 

However, even with concrete with about 30% - 50% the typical concrete strengths used in other 

experiments; the specimens were able to achieve deflections as low as L/17 without collapse.   

3.4. Slabs composite with steel floor framing 

3.4.1. Parking structure by Zhao and Kruppa 

Zhao and Kruppa (2004) reported on a large scale experiment performed on a purpose-built car 

park consisting of unprotected steel columns and beams supporting a steel-concrete composite 

roof. The composite slab consisted of 40 mm deep dove-tail corrugated steel sheeting 

supporting a 120 mm thick slab of which 80 mm was continuous.  The car park had three 5 m 
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bays and two 16 m bays, supported on 12 columns as shown in Fig. 3.8 (a). The structure was 

open to the outside air from all sides and had a 3 m storey height.  

 

Fig. 3.8. The test by Zhao and Kruppa (2004) (a) Plan of the car park (b) Gas temperatures for test 1 and 2 

The structure was subjected to tests only differing in the position of the burning vehicles. While 

it is clear that the roof was loaded with cars in both experiments, the actual load level was not 

specified. The thermal load was applied by igniting the middle of the three cars parked on the 

ground floor and then letting the fire develop fully and spread to the adjacent vehicles. In the 

first test, the wind was blowing through the structure and against the rear of the ignited vehicle. 

This resulted in blowing the fire away from the body of the car and delaying fire spread. Peak 

temperature was reached between about 45 and 60 minutes from initial ignition and reduced to 

below 200 °C at around the 75-minute mark. In test 2, the wind was blowing against the front 

of the cars thus driving the flame into the rest of the automobile speeding the fire development 

and spread. Maximum gas temperature was reached in this test between 10 and 20 minutes 

from the ignition of the fire. The fire extinguished relatively quickly with gas temperatures 

dipping below 200 °C after about 35 minutes. In both tests, the fire spread to all three adjacent 

vehicles and peak temperatures were sustained for only a short interval as shown in Fig. 3.8 

(b). 

The observed temperatures reached in only two locations were presented for each test. For both 

tests, the maximum temperatures reached in the secondary and primary beams were between 

600 °C and 700 °C. Despite having very similar temperature distributions but at different times, 

the deflections observed in test 2 were significantly higher. During heating, they reached nearly 

150 mm and then reversed their deflection during cooling and reached an upward deflection of 

nearly 50 mm. The deflections observed in test 1 reached a maximum downward deflection of 

about 65 mm and a maximum upward deflection of only 10 mm. Zhao and Kruppa (2004) note 
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that the effect of the wind on the development and spread of the flame was responsible for the 

difference in observed deflections. While the measured temperatures were similar, in test 2 the 

growth and spread of the fire were assisted by the wind which also pushed the flames towards 

the enclosed area of the structure. This resulted in a significantly larger heated area and thus 

larger deflections. In test 1, the wind direction had the opposite effect as it pushed the flames 

away from the structure and significantly reduced the severity of the fire.   

Out of all experiments discussed in this chapter, this was the only one where a full-scale 

structure was subjected to a localised fire. Unfortunately, the information obtainable in English 

is limited to brief publications such as (Zhao and Kruppa 2004) in conference proceedings. Not 

much is known about the deflections and temperatures observed in other parts of the structure 

other than those reported here, and it remains unknown whether they were recorded at all. It 

was observed in the test that the deflections, even the most severe, were relatively small with 

a deflection to short span ratio of about L/33. No significant local failures were reported, and 

the overall structure remained stable. Bolt rupture during the cooling phase was noted at the 

lower part of the rigid beam-column connection. Despite this localised failure, the integrities 

of the overall connection and the structure were not compromised.  

3.4.2. FRACOF and COSSFIRE 

FRACOF and COSSFIRE were large scale composite-floor experiments documented in a 

series of technical reports by Vassart and Zhao (2011, 2012) and Zhao et al. (2011). The two 

assemblies tested in FRACOF and COSSFIRE had footprints of 6.66 m × 8.735 m and 6.66 m 

× 9.0 m respectively as shown in Fig. 3.9. Both assemblies had a normal weight concrete slab 

cast on 58 mm deep 0.75 mm thick trapezoidal steel decking, and both used the same anti-

cracking mesh with 7 mm diameter wires in a 150 mm × 150 mm grid. The continuous portion 

of the slab was deeper in the FRACOF experiment, however, with a total slab depth of 155 mm 

and concrete cover of 50 mm from the top face of the slab. COSSFIRE on the other hand used 

a 135 slab with a 35 mm concrete cover. Composite action with the steel framing was ensured 

using headed shear studs that were 19 mm in diameter and 125 mm in length placed 207 mm 

apart on the secondary beams. The shear studs were also used to ensure composite action with 

the primary beams with a spacing of 100 mm in FRACOF and 300 mm in COSSFIRE. The 

floor framing was designed per the ambient temperature requirements of the EN 1994-1-1 (BSI 

2004), the connections following the EN 1993-1-8, while the thickness of the FRACOF floor 

slab was sized to provide sufficient insulation for 120 minutes fire resistance as per the EN 

1994-1-2 (BSi 2005). 



53 

 

 

Fig. 3.9. Composite floors tested in FRACOF and COSSFIRE (Zhao and Roosefid 2011). 

 

In FRACOF, the primary beams, connections, and columns were protected. In COSSFIRE the 

connections were purposefully under-protected to allow for better assessment of their thermo-

mechanical behaviour in fire. During the FRACOF experiment, the furnace walls were built in 

contact with the steel framing reducing the thermal exposure of the edge beams, while the entire 

frame was within the confines of the furnace during COSSFIRE producing a more severe 

thermal exposure. The mechanical load was distributed over the slab area using sandbags 

resulting in an applied load of 3.87 kN/m2 for FRACOF and 3.93 kN/m2 for COSSFIRE. Both 

experiments had the structural arrangements subjected to just over 120 minutes ISO 834 fire. 

At that point, the integrity of the floor was violated during the FRACOF test, and a secondary 

edge beam failed in COSSFIRE.  

Furnace temperatures exceeded 1000 °C in both experiments, but the insulation criteria of 

temperature at the unexposed side of the slab remaining below 140 °C was only exceeded in 

the thinner COSSFIRE. In that test, the unexposed face reached above 200 °C compared to just 

over 100 °C for FRACOF.  This also corresponded with higher reinforcing mesh temperature 

of about 500 °C in COSSFIRE compared to 300°C in FRACOF both of which were reached 

during the cooling stage. Moreover, due to the aforementioned arrangement of the furnace 

walls in FRACOF, the edge beams remained at around 300 °C compared to an average edge 

beam temperature of 550 °C in COSSFIRE. The reduced thermal protection on the connections 

in COSSFIRE resulted in their temperatures reaching 800 °C compared to only 300 °C in 

FRACOF. Overall, despite the two structures being subjected to similar furnace temperatures, 
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COSSFIRE had significantly higher temperatures compared to FRACOF. This was a result of 

the arrangement within the furnace, the thinner slab used in COSSFIRE, and the reduction of 

fire protection on the connections.  

Due to the higher temperatures, it is expected that the COSSFIRE experiment would experience 

larger deflections, and indeed the central deflection was about 550 mm compared to 450 mm 

in FRACOF, corresponding to a deflection to short span ratio of L/12.1 and L/14.8 respectively. 

It is evident that such a deflection far exceeds the span/30 failure criterion. With secondary 

internal beam temperatures reaching 1000 °C, it is expected that the contribution of tensile 

membrane action to the load resistance was significant. Studying the deflection-time history 

shown in Fig. 3.10, it is noticeable that up to the 30 minutes of the fire the deflection paths 

were similar, and both reached a maximum deflection to short span ratio of about L/27. At this 

point, the temperature in the bottom flange of the unprotected beams was above 800 °C for 

both experiments indicating severe degradation in capacity. The temperatures in the protected 

edge beams and the middle of the continuous portion of the slab were 50 °C and 100 °C for 

FRACOF and COSSFIRE respectively. This indicates that even early in the fire, due to the 

very high temperatures in the secondary internal beams, material degradation may have 

contributed to the deflection. It is expected, however, that the large thermal gradients generated 

by the difference in temperature between the unprotected steel sections and the concrete slab 

would have had a more pronounced effect and likely dominated the behaviour.   

 

Fig. 3.10. Load-displacement of the central point in FRACOF and COSSFIRE. Reproduced from (Zhao and 

Roosefid 2011) 

During the testing, cracks appeared at the corners diagonal to where the columns were in both 

experiments as shown for FRACOF in Fig. 3.11. These cracks did not seem to cause any 

negative effects to either load carrying capacity or insulation of the slabs. A central crack did 
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develop in the FRACOF experiment, but it only occurred due to poor overlapping of the 

reinforcement and did not appear to have an impact on either the load-carrying capacity, 

deflection history, or insulation failure criteria of the slab. Debonding was observed over a 

large part of the slab, but its extent is not clear.  

 

Fig. 3.11. Cracks at the corners of the FRACOF slab (a) beginning of the fire, and (b) end of the fire (Vassart 

and Zhao 2011) 

In COSSFIRE, buckling of the internal secondary beam where it connected to the column 

occurred. The other unprotected internal beam that connected to the girder did not experience 

this local distortion. Failure in this experiment occurred due to one of the edge beams reaching 

runaway failure, due to faulty fire protection resulting in it reaching temperatures over 600 °C. 

Concrete on top of this beam crushed, but its collapse did not affect the overall integrity of the 

structural assembly.  

Other than the aforementioned local failures, there was no indication of debonding of the steel 

decking, no signs of shear slip, nor was any failure noted in the connections even in the 

COSSFIRE experiment where they had reached temperatures over 800 °C. In particular, no 

large cracks developed over the edge beams due to hogging moments, which, as noted by Bisby 

et al. (2013), may be caused by low edge torsional restraint. Slab continuity was not simulated 

in the experiment, and thus large hogging moments could not have developed, and cracking in 

the concrete over the supports did not occur. Instead, the aforementioned diagonal cracking 

around the columns occurred due to the restraint provided by the columns against both 

translation and rotation. The detailing of the column-slab connections included the addition of 

extra reinforcement, which may have limited the extent of the cracking there and prevented 

them from jeopardising the structural integrity of the slab at these locations.  
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The overall performance of the structural assemblies as displayed in both FRACOF and 

COSSFIRE was robust. Despite the localised failures that took place, system collapse did not 

occur and both floors fulfilled the 120-minute load-bearing period they were designed for. The 

absence of clear photos of the crack pattern during and after the fire makes it rather difficult to 

make many comments about the mechanism of the development of tensile membrane action, 

although the exceptionally large displacements coupled with very high internal beam 

temperature would have caused its occurrence. Given that Vassart and Zhao (2011) indicated 

the absence of any significant cracking beyond what was already mentioned, it may be safe to 

assume that yield line cracks were not visible. Furthermore, the absence of data about the lateral 

displacement of the columns makes it challenging to gauge the lateral tractions the slab exerted 

at the various stages of the fire before and after the potential development of tensile membrane 

action.  The slab may have predominantly been under membrane compression due to the finite 

edge restraint and restrained expansion.   

3.4.2. The Purdue composite floor 

Wellman et al. (2011) tested three floor assemblies consisting of two girders supporting three 

beams on top of which a partially-composite slab was cast on trapezoidal steel decking. To fit 

within the confines of the furnace, the assembly was scaled down to smaller sections that would 

be representative of the strength ratios of real structures. Overall, the structural framing 

arrangement had a footprint of 3.96 m × 2.13 m and used W10×15 sections for the beams and 

W12×16 for the girders. Due to the constraints of the experimental set-up dictated by the 

furnace, both girders and the central beam were aligned within the furnace which had a heated 

area of 2.54 m × 3.12 m. A 101.6 mm lightweight concrete slab was cast on top of a 38.1 mm 

deep steel decking and reinforced with 3.4 mm diameter 152 mm × 152 mm spaced welded 

wire fabric mesh. The slab extended beyond the framing and had a total footprint of 3.96 m × 

4.57 m and was partially composite with a composite ratio of 32.5% with the beams, and 25.4% 

with the girders.  Composite action was designed using headed shear studs with a diameter of 

15.9 mm and a length of 76.2 mm. Two of the specimens used shear tab connections, and one 

used a double angle connection. Fire protection was applied to all members except other than 

the interior beams, which were only fire-protected in the control sample FA-1.  

The ASTM E119 temperature-time curve was applied and maintained until the failure of the 

specimen. The mechanical load was applied at five points: the centre of the slab atop the 

secondary beam, and at two points 864 mm apart about the centre of each of the two girders. 

The applied load corresponded to 46% of the moment capacity of the secondary beams. Once 
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the load at the interior secondary beam exceeded its capacity, the vertical load was transferred 

to the girders to maintain the same bending moment within the girders as before the relocation 

of the load. The test was terminated, and cooling started when the capacity of the girders was 

reached, the concrete at the loading point had been crushed, or the actuators ran out of stroke 

and no more load could be applied. The deflection and deflections rate limits used were those 

recommended by the BS-476: maximum deflection of L/20, or L/30 with a deflection rate of 

L2/9000. Uncontrolled cooling corresponded, as per Wellman et al. (2011), to unrealistic 

conditions and was applied to specimen FA-1. Controlled cooling at 12.2 °C/min was applied 

to the remaining specimens FA-2 and FA-3. 

The temperature in the reinforcement mesh peaked well into the cooling phase. This was also 

the case for the shear studs. The maximum temperature reached in the shear studs was almost 

600 °C at the midpoint of the secondary beam, while the wire mesh achieved a maximum 

temperature of about 300 °C. The temperature at the top surface of the concrete stayed below 

100 °C for specimens FA-1 and FA-3 but reached about 200 °C in FA-2. Specimens FA-2 and 

FA-3 reached a maximum central deformation of about 250 mm, while specimen FA-1 had 

early explosive crushing of the concrete under the load point preventing the continuation of the 

central loading after 80 mm of deflection. Deflections of FA-2 and FA-3 indicate that they 

likely went into tensile membrane action. The authors noted, however, that the slab was unable 

to arrest the runaway failure of neither the beams nor the girders and so recommend not 

removing the fire protection of secondary members. It is difficult, however, to judge whether 

the slab could efficiently carry the applied loads in membrane action because of the load 

application method in which load was directly applied over the secondary beams. This 

procedure, for example, resulted in stress localisation that caused crushing of the concrete atop 

the midspan of the secondary beams. 

The lateral displacement of the girder coupled with the rotation of the lower flange into the 

connected secondary beam observed in the experiment shows that the effect of thermal 

expansion may cause significant distortion of the floor framing. It is also noteworthy that all 

of the connections in the three specimens remained intact and did not fail. This shows that a 

protected connection designed considering elevated temperatures may indeed behave robustly 

in a fire. Diagonal cracking through the flat part of the composite slab, as shown in Fig. 3.12 

(a), was observed in all tested specimens. Cracks of this type, as explained by Rezaeian et al. 

(2020), whether parallel to the corrugations or in a diagonal direction to them, are a result of 

in-plane shear forces. Debonding was not indicated to have occurred (Wellman et al. 2011), 
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but inspection of the figure shows that it had taken place at the location of the aforementioned 

through-depth shear-like cracks. Closer inspection of Fig. 3.12 (b), however, shows that the 

decking was flush with concrete across the span of the slab where distortion of the cross-section 

did not occur.  

 

Fig. 3.12. Results from the Purdue experiment (Wellman et al. 2011) (a) Diagonal cracking in the flat part of the 

slab, and (b) surface cracking of the slab after initiation of heating 

Sample FA-3 experienced a large shear cracking atop one of its girders during heating, and that 

resulted in larger deformations within that specimen. Yet again, the highly concentrated load 

in that location may have contributed to this occurrence and it is difficult to say with certainty 

whether such a localised failure was due to the load application, or due to thermally induced 

effects.  

3.4.4. Jinan three-floored building 

The experiment performed at Shandong Jianzhu University in Jinan, China is the largest since 

Cardington. A nine-meter high three-storey steel-framed building with composite flat 

reinforced concrete slabs was erected and tested under mechanical and fire loads (Yang et al. 

2013). The building had a 13.5 m × 13.5 m footprint divided over three 4.5 m bays in each 

direction. The floor framing on the third floor consisted of Q345 H 250×125×6×9 beams, while 

the columns were H200×200×8×12 sections of the same grade. The flat slab was 120 mm thick 

and bottom-reinforced with 8 mm rebars in a 150 mm × 150 mm grid with various top slab 

reinforcement provided around the floor framing. The concrete used was normal weight with 

a compressive strength of 33.8 MPa on the day of the test. Composite action between the slab 

and beams was achieved by using 16 mm diameter headed shear studs placed 200 mm apart 

atop the web of the steel beams. The connection between the beams and columns was a kind 

of moment connection utilising a beam stub welded onto the columns and then connected to 
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the floor framing with bolted plates. All framing and connections were protected from heating 

and were kept outside the furnace walls. Another two sets of large-scale multi-bay tests were 

also performed on the other floors of the building, but are not reviewed here (Li et al. 2015; 

Wang et al. 2013). 

50 kg sandbags were used to apply a uniform mechanical load of 2 kN/m2. The first test was 

performed to assess the behaviour of a corner slab, while the second test was performed on an 

internal panel on the top floor of the tested building. The furnace temperatures did not follow 

a standard temperature-time curve, and the criteria for furnace shut off was not explained in 

(Yang et al. 2013). In the first few minutes, the temperatures reached between 450 °C and 

500 °C and then climbed up to 900 °C over the next 5 hours. The furnace was shut off at 270 

minutes and 306 minutes for tests 1 and 2 respectively. A free cooling phase was initiated after 

the heating with the temperatures finally reaching below 200 °C nearly 15 hours after the tests 

had begun.  

Due to the long and slow heating process, the moisture content of the concrete slab had ample 

time to vaporise. The top layer, in particular, remained at around 100 °C for over 100 minutes 

and over 50 minutes for tests 1 and 2 respectively, as the last of the water content dissipated. 

Yang et al. (2013) note that spalling did not occur in this experiment, and indicate that this was 

due to the low moisture content. Considering the heating duration and the temperature plateau 

of the top surface, it is evident that within three hours of ignition the floor slabs were completely 

dry. The temperature at the top of the concrete slab reached a maximum of 187 °C and 217 °C 

in tests 1 and 2 respectively. While this would violate the insulation criteria where temperatures 

must be below 140 °C on the ‘cold’ side of the slab, considering the fire duration this criterion 

was satisfied for over 200 minutes and 150 minutes for tests 1 and 2. The bottom reinforcement 

temperature reached a maximum of 650 °C during the heating, and the top rebars achieved a 

maximum temperature of around 300 °C after 100 minutes of cooling.  

The maximum recorded deflections in tests 1 and 2 were 142 mm and 114 mm respectively, 

and both were recorded at the centre of the slabs. Test 1, however, showed a distinctly 

unsymmetrical deflection pattern which was caused by two large cracks appearing around the 

quarter-point away from the interior edges. The deflections recorded in the transducers adjacent 

to these edges just outside the cracked zone had a maximum deflection of 67.2 mm. According 

to Yang et al. (2013), the severe cracking parallel to the interior edges resulted in releasing the 

stresses and significantly lowering the rotational restraint beyond the crack and away from the 



60 

 

interior edges. The maximum deflection should then be at a point between the large cracks and 

the centre of the panel. In test 2, the vertical deflections were largely symmetrical with the 

maximum deflection occurring at the centre of the slab. The lowest deflections were measured 

in the transducers adjacent to the columns which recorded an average maximum deflection of 

48 mm.  

Lateral deflections were measured at the middle of all edges in both experiments, and indeed, 

the difference in edge conditions had a significant effect on the observed push-out and pull-in. 

For test 1, where the corner slab was subjected to fire, the outer edges were subjected to push 

out for the first 100 minutes and then were pulled in returning to their original position 50 

minutes later and reaching a maximum pull-in deflection of nearly 9 mm by the end of the 

heating. The switch from push-out to pull-in possibly indicates either the development of 

tensile membrane action or the dominance of thermal gradient resulting in bowing-induced 

shortening of the floor. The interior edges, on the other hand, were never pushed out and instead 

were pulled in from the beginning of the heating phase until the end of it achieving a total 

lateral deflection of less than 6 mm. In test 2, all edges experienced pull-in throughout the 

heating phase with a maximum lateral deflection of just under 10 mm.  

In both tests, cracking extended beyond the fire compartment and into the adjacent structure. 

The first crack to appear in test 1, and the second to appear in test 2, was an edge crack parallel 

to the support beam at the inside of the interior edge of the heated panel. This crack likely 

occurred due to restrained hogging moments enforced by continuity of the floor slab. Similar 

cracks appeared on the other interior edge in test 1, and on all edges of the panel in test 2. 

Cracks parallel to the edges also appeared in the panels demarking the well-documented 

compression ring. For test 1, however, these cracks occurred only parallel to the interior edges 

and not parallel to the exterior edges. Cracks diagonal to the column occurred instead, as shown 

in Fig. 3.13 (a). Two large cracks denoted 5 and 6 in the figure also appeared in test 1 and 

reduced the moment constraint significantly affecting the deflected shape as discussed earlier.  

 In test 2, long cracks normal to the edges appeared and crossed all adjacent panels as shown 

in Fig. 3.13 (b). Yang et al.  (2013) attributed these cracks to the restrained sagging of the 

unheated panels induced by the effect of the supporting beams and slab continuity, which 

would result in tensile stresses in the unheated panels. If that were the case, however, then the 

cracks on the unheated panels should have been parallel to the edges of the heated panel and 

not normal to it as was observed.  
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The observed direction of the cracks indicates that tensile forces were generated tangentially 

around the heated slabs, which may have occurred simply due to its in-plane thermal expansion. 

As the central panel expands laterally, it generates compressive forces normal to its edges and 

its expansion would be resisted by tensile forces parallel to its edges. This would cause the 

observed cracks to open early in the heating phase, as was the case with crack 1 in Fig. 3.13 (b) 

which was visible after only 4 minutes from the ignition. All other cracks in the unheated panels 

started to form within the first 52 minutes of the fire, further pointing to this mechanism. The 

diagonal cracks likely occurred to accommodate the tensile stresses accompanying the diagonal 

compressive struts caused by the expansion of the central bay.   

 

Fig. 3.13. Cracks developed in (a) test 1, and (b) test 2 (Yang et al. 2013) 

The experiment reported by Yang et al. (2013) provides particularly unique insight into the 

effects of slab continuity, and the impact of edge restraint conditions as provided by the 

adjacent structure or lack thereof. Despite the unrealistically long heating regime, the slab still 

sustained a significant gradient and the compression ring, or part of it in the case of test 1, were 

observed. The additional restraint of the interior panel of test 2 indeed afforded it more stiffness 

resulting in lower deflection compared to the corner panel of test 1 which suffered from 

significant cracking within its span that negatively impacted its deflected shape. The deflected 

shape in the corner panel test was, therefore, unsymmetrical. Cracking in the unheated panels 

in test 2 was very significant and extended to the edge of the building.  In all cases, however, 

edge parallel cracks due to hogging moments were observed and point to the importance of 

considering realistic boundary conditions when analysing floor plates in fire.  
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3.4.5. Nanyang Technological University tests 

Nguyen and Tan (2017a; 2015) and Nguyen et al. (2015) tested a total of eight quarter-scale 

assemblies of flat slabs composite with steel framing supported on steel columns.  All 

specimens had the same footprint: 2.25 m × 2.25 m slab with 0.45 m overhang which was used 

to simulate edge continuity of internal panels in real structures. The columns were designed to 

be particularly stiff relative to the rest of the assembly to prevent column failure or deformation 

from dominating the structural behaviour. In all specimens, the slab was designed with a target 

depth of 55 mm. As would be expected for flat slabs of this scale, the actual depth of the slabs 

varied between 55 mm and 59 mm. A 3 mm diameter 80 mm × 80 mm shrinkage reinforcement 

mesh was used without lapping over the entire area of the slab. 40 mm long 13 mm diameter 

headed shear studs were spaced at 80 mm spacing to provide full composite action between the 

steel framing and the slab.  

The eight specimens were presented over three batches each of which focused on varying one 

parameter while keeping the others unchanged. The first set of specimens (S1, S2-FR-IB, and 

S3-FR) is shown in Table 3.3. and presented in (Nguyen et al. 2015) focused on assessing the 

effect of rotational edge restraint, and the impact of removing interior secondary beams or 

keeping them unprotected. Nguyen and Tan (2015)  later presented the results of another set of 

tested specimens (P215-M1099, P368-M1099, and P486-M1099) where the size of the 

secondary edge beam was changed while keeping the rest of the assembly constant. The last 

set of results (specimens P215-M1356 and P215-M2110) changed the size of the primary edge 

beam and compared them to the control specimen P215-M1099 (Nguyen and Tan 2017).  

The reason all specimens were cast at a 1/4 scale was to fit them within the confines of the 3 

m × 3 m × 0.75 m electrical furnace at the Nanyang Technological University (NTU). The slab 

was on top of the furnace, while the protected columns and both protected edge beams and 

unprotected interior secondary beam were subjected to heating at a rate of 20 °C/min.  

Mechanical loading equivalent to 15.8 kN/m2 was applied using a 12-point loading system that 

ensured the load was vertical during the tests. The temperatures at various points within the 

assembly were recorded, and so were the deflections, including the lateral deflection of the 

columns. 
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Table 3.3. Specimen information for the NTU tests (Nguyen et al. 2015) 

Specimen  Primary edge beams 
Secondary edge 

beams 

Secondary internal 

beams 

Concrete mean 

strength (MPa) 

S11 

W130 × 130 × 28.1 

80 × 80 × 17.3 

_ 36.3 

S2-FR-IB1 80 × 80 × 17.3 36.3 

S3-FR1 _ 31.3 

P215-M10992,3 

80 × 80 × 17.3 

31.3 

P368-M10992 100 × 80 × 18.8 32.9 

P486-M10992 102 × 102 × 23 28.9 

P215-M13563 UB 178 × 102 × 19 80 × 80 × 17.3 32.9 

P215-M21103 UB 203 × 102 × 23 100 × 80 × 18.8 28.9 

1(Nguyen et al. 2015); 2(Tan and Nguyen 2015); 3(Nguyen and Tan 2017) 

Beam-column and beam-beam connections were flexible end plate connections, and the 

column ends were connected to a supporting base that was pin-connected to the strong floor of 

the laboratory. The defining feature of this set of experiments, except for specimen S1, was the 

edge restraint conditions. Samples S2-FR-IB and S3-FR both had a rotational restraint system 

that prevented their upward rotation. Samples P215-M1099 through P215-M2110 all had, in 

addition to the rotational restraint system, an in-plane restraint system that only allowed finite 

translations of the slab edge in a straight line. This system consisted of five M24 bolts cast into 

the slab with half their length exposed and connected to the rotational restraint with a 20 mm 

between the tip of the bolts and the furnace wall. A specimen with the protruding bolts is shown 

in Fig. 3.14. This allowed for a good simulation of slab edge continuity as would be the case 

in real multi-bay structures. 

The furnace in the experiments was electrical and its heating rate was limited by the maximum 

possible power input, which meant that it was incapable of heating the samples as per the ISO 

834. It was, however, capable of achieving a heating rate of about 20 °C/ min. Most test 

specimens experienced maximum furnace temperatures between 800 °C and 1000 °C at around 

the 100 minutes mark. Specimens S3-FR and P215-M2110 were exceptions as the furnace air 

temperature had reached a maximum of around 800 °C and 820 °C within 59 minutes and 200 

minutes respectively. S3-FR had reached the point of failure at 59 minutes and so the test did 

not continue. The slow heating of P215-M2110 was due to a damaged heating element. The 

temperatures for the protected edge beams reached over 800 °C and were hotter than the bottom 

surface of the slabs. It must be noted that since this experiment was performed on scaled 
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specimens, the temperature distribution in the various components could not be as 

representative as full-scale experiments. For example, the deepest heated edge beams were only 

203 mm deep.   

 

Fig. 3.14. Specimens used in the NTU tests (Tan and Nguyen 2015) 

The average deflection ratio at failure in all the tested specimens was L/16.85, with the highest 

ratio of L/12.7 achieved in S2-FR-IB, and the smallest about L/19.5 in S3-FR. Instead of 

referring to this ratio, however, the authors (Nguyen et al. 2015; Nguyen and Tan 2017; Tan 

and Nguyen 2015) refer to deflection as a multiple of the slab depth. This is a particularly 

useful measure as it helps assess the potential for tensile membrane action, which the authors 

of the study note occur at the point when the central deflection just exceeds the slab depth. One 

of the strengths of the NTU studies is that they were able to break down the deflection-

temperature history into distinct stages. The edge beams, for example, went through the 

following deflection stages defined in Nguyen et al. (2015) and shown in Fig. 3.15 (a).  

In phase 1, restrained thermal expansion results in increased deflection enhanced by the 

gradient between the slab and beam. In phase 2, the temperature of the slab begins to increase 

resulting in a lowered thermal gradient and a brief reduction of deflection, which is then 

overcome, and deflections increase. Finally, phase 3 occurs after the beams reach a temperature 

range between 650 °C and 700 °C and enter a runaway deflection phase. 
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Fig. 3.15. Displacement results for some of the NTU tests (Nguyen et al. 2015; Tan and Nguyen 2015) (a)  Mid-

span deflection of edge beams against temperature, and (b) horizontal displacement-time curve for P215-M1099   

These phases are also present in the other sets of specimens (Nguyen and Tan 2017; Tan and 

Nguyen 2015) but are not as prominent. Perhaps what is more novel about the data analysis 

provided by Nguyen and Tan (2017a) and Tan and Nguyen (2015) is the description of lateral 

translations of the slab edges. As aforementioned, the boundary conditions of this experiment 

allow for only straight-line translation of the edge as would be expected for internal panels in 

a fire. The observed lateral deflections shown in Fig. 3.15 (b) were also divided into three 

stages. The first stage is characterised by outward expansion of the slab edge governed by 

thermal expansion. The rate of this expansion is first limited due to heat build-up and then takes 

off after the evaporation of slab moisture content. In the second stage, the beginning of tensile 

membrane action begins to curtail the outward expansion resulting in what Tan and Nguyen 

(2015) refer to as a “near-constant” displacement rate. In Stage 3, inward deflection takes over 

completely and runaway failure occurs due to cracks above the edge beams. Analysing the 

same figures for the other specimens provided in (Nguyen and Tan 2017; Tan and Nguyen 

2015), however, it is rather difficult to differentiate between the end of Stage 1 and beginning 

of Stage 2 where tensile membrane action is supposed to have developed.  

Column displacement offers a more holistic picture of the state of the slab as the tractions 

transferred into the columns cause them to move laterally (Tan and Nguyen 2015). This is clear 

by considering the horizontal displacement of the columns shown in Fig. 3.16 (a). In the 

beginning, the column is pushed out due to the expansive tractions developed in the slab, until 

the development of tensile membrane action at which point the tractions reverse and become 

tensile pulling the columns in. This pattern was consistent in all the specimens shown in the 

figure. The vertical displacements of the columns are shown in Fig. 3.16 (b). and indicate the 

same mechanism. As heating starts, the columns start expanding and thus deflect upwards. At 
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the onset of the tensile membrane action, the columns are pulled downwards by tensile tractions 

in the slab.  

 

Fig. 3.16. Displacement results for the columns from  Tan and Nguyen (2015) (a) Column lateral displacements, 

and (b) Column vertical deflections 

All specimens showed three fundamental cracking patterns: (1) Early in the heating of all tests, 

diagonal cracks at 45° angles formed at the column locations, (2) The compression ring began 

to form at the time when the deflection at the centre of the slab approached the depth of the 

slab with diagonal cracks connecting edges-cracks in the shape of a ring, and (3) Through-

depth cracks over the edge beams formed and the reinforcement ruptured in those locations, 

which was the failure mechanism of the slabs. In some specimens, cracks within the central 

region and over the secondary internal beams occurred. These cracks were not very impactful 

and the reinforcement along them did not fail. No yield-line-like pattern occurred in any of the 

specimens tested, as can be seen in Fig. 3.17. Other than this, no buckling of columns occurred, 

nor did local distortion of beams at their connections take place. The latter may be due to the 

flexible connections used, and again may not be necessarily representative of full-scale 

structures with different rates of imperfections. There were no signs of loss of composite action 

due to failure of shear studs, but the large cracks over the edge beams are stipulated by the 

experimenters to have acutely reduced compositeness and thus nullified the beneficial effects 

of stiff edge beams rather quickly in the fire.  
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Fig. 3.17. Development of cracking pattern in specimens S1 through S3-FR (Nguyen et al. 2015) 

This experiment was performed on ¼ scale specimens and so temperatures may not be well-

represented, particularly the protected edge columns which were heated to very high levels and 

at a rapid rate despite their fire protection. Likewise, temperatures reached within the 

reinforcement may not be well-accounted for due to the rather slim depth of the slab. The 

experimenters did not use ribbed slabs on corrugated decking because they were unable to 

source a decking with appropriate dimensions. It would have been indeed more interesting to 

see the effect of the decking on the development, retention, and failure of tensile membrane 

action, especially in the context of continuous spans that were simulated in this experiment. 

Nonetheless, this experiment offered a unique insight into the behaviour of composite 

construction where edge restraints were realistically simulated, and it was particularly useful 

to look at the effect of tensile membrane action on the development of the time-displacement 

history of the columns vertically and laterally. Column lateral displacements are a particularly 

important metric to appraise numerical models of composite slabs in fire as they provide insight 

into the magnitude and direction of tractions developed in the floors and how they would 

impact, and be impacted by, the surrounding structure.  
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3.4.6. Tongji University composite floor tests 

Li et al. (2017) tested four full-scale arrangements of composite slabs on steel beams subjected 

to the ISO Standard Fire. The overall dimensions of the slabs were 5.2 m × 3.7 m with a 146 

mm thick slab consisting of 70 mm normal weight concrete on 76 mm deep 1 mm thick steel 

decking. An anti-cracking mesh with 8 mm diameter and 150 mm × 150 mm spacing was 

installed with a cover distance of 21 mm or 30 mm from the top face of the slab. The slabs 

were connected to the steel framing with welded 16 mm diameter, 125 mm long shear studs 

placed 80 mm apart. Both primary and secondary beams were hot-rolled I-beams and were 

connected with high strength friction bolts fixed to full-depth welded plates. Three primary 

aspects of composite floor construction were investigated: the effect of presence or absence of 

an unprotected secondary composite beam, consequence of changing rib orientation, and 

outcome of changing the location of the reinforcement. The ribs were normal to the secondary 

beam in specimens S-1 and S-2 and spanned the short direction for S-3 and S-4. S-1. Details 

of the various specimens are given in Table 3.4. 

Table 3.4. Specimen information for the Tongji University tests (Li et al. 2017) 

Specimen  
Concrete 

cover (mm) 

Secondary 

beam? 

Rib 

orientation 

Mechanical load 

(kN/m2) 

Load 

ratio 

Fire 

duration 

S-1 21 Yes Long-

direction 

18.4 0.6 75 

S-2 30 Yes 17.7 0.6 90 

S-3 30 No Short-

direction 

8.8 0.6 100 

S-4 30 No 9.5 0.65 100 

 

The furnace used to test the slabs had a footprint of only 4.5 m × 3 m, and so only the slab and 

secondary beam were subjected to the ISO 834 fire. The primary edge beams were outside the 

furnace and bolted to its base frame to provide vertical, lateral, and rotational support. Likewise, 

the rebars of the slab were extended by 150 mm beyond the slab edge to simulate edge 

continuity. The mechanical load was applied at 24 equally distributed loading points at 10% 

increments until reaching the testing load at which mechanical load was kept constant and 

thermal loading was started. The testing load corresponded to a fixed load ratio of applied to 

design load resistance of 0.6, with the applied loads given in Table 3.4. After application of the 

thermal load for between 75 and 100 minutes, a natural cooling phase was allowed with 

deflection and temperature recorders still in operation.  
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Despite S-1 being subjected to fire to only 75 minutes compared to 90, 100 and 100 minutes 

for S-2, S-3, and S-4 respectively, the maximum temperature measured at its surface of 874 °C 

was within 4% of the average surface temperature of slabs S-3 and S-4 which was about 911 °C. 

The reinforcement temperatures, however, were significantly different. The peak 

reinforcement temperature in S-1 was about 202 °C, while it was an average of 388 °C for S-3 

and S-4. The large difference in reinforcement temperature was due to the shorter fire duration 

for S-1, and the higher distance of its reinforcement from the heated surface. Peak temperature 

was achieved in all specimens well into the cooling phase, which the authors note indicates the 

potential for post-fire collapse of composite floors due to continuously increasing 

reinforcement temperatures. Li et al. (2017) also note that the temperatures in the concrete 

above the secondary beam are significantly lower than other areas in the slab due to the 

shielding effect of the beam, and this must be considered when attempting to model slabs and 

design experiments.  

The final deflections as a ratio of the length of the short direction of the tested slabs were L/19 

and L/20 for S-1 and S-2 respectively, and 1/25 for S-3 and S-4. Three reasons were given by 

the authors for the higher deflection of the slabs with the secondary beams (S-1 and S-2): (1) 

Despite being loaded to the same load ratio, S-1 and S-2 were subjected to nearly double the 

mechanical load of S-3 and S-4. (2) In specimens S-3 and S-4 where the ribs were aligned in 

the short direction better fire protection is provided by the concrete. (3) The temperature in the 

short-direction reinforcement in S-3 and S-4 was lower than those in S-1 and S-2, and short-

direction reinforcement is a significantly more important contributor to membrane action. 

These reasons seem relatively reasonable, except that as aforementioned, the average 

temperature in the reinforcement of S-3 and S-4 were almost double those in the reinforcement 

of S-1. Another potential reason for the larger deflection of S-1 and S-2 is that the 

compositeness of the secondary beam coupled with the rigid boundary conditions results in a 

large gradient between the temperatures of the hot secondary beam and the relatively cold 

concrete. Furthermore, the separation of the slab into two panels supported on the secondary 

beam and restraining the thermal expansion at the edges resulted in negative moments on top 

of the secondary beam, and the development of large cracks there, as noted by the authors and 

shown in Fig. 3.18. These cracks, coupled with the diminishing capacity of the secondary beam 

to support the slab result in weakening the potential tensile membrane action at high 

temperatures. The ratio of the applied load relative to the resistance capacity of the heated slab 
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is thus expected to be significantly higher in S-1 and S-2 than S-3 and S-4, even though the 

opposite is true at ambient.  

The cracking pattern observed in the tests is shown in Fig. 3.18. It is immediately obvious that 

the compressive ring crack pattern was present indicating the development of tensile membrane 

action with the central region of the slab. According to Li et al. (2017), the central crack in S-

1 and S-2 facilitated heat transfer to the top of the slab by providing channels for convective 

heat transfer. However, it is not known how this interacted with the lower temperatures in the 

reinforcement achieved due to the shielding effect of the secondary beam at the same location. 

Cracks parallel to the supporting edge beams formed in all specimens, also due to the hogging 

moment at these locations. Li et al. (2017) observed no bond slip in the reinforcement but did 

note that debonding of the steel deck did occur. It is not known how the rebar bond was 

monitored, however, as no measurements were presented for the rebar overhangs. Only a photo 

with significant cracking between the rebars is shown with the cracks delegated to the “pull-

out trend” of the steel bars.  

 

Fig. 3.18. cracking patterns observed in all specimens of the Tongji University tests (Li et al. 2017) 

The Li et al. (2017) experimental work offers important insight into the behaviour of restrained 

composite slab systems. Unlike the simply supported slabs tested in Lim and Wade (2002), no 

diagonal cracks formed and the yield line cracking pattern was not observed. Large 
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deformations did occur, and the compressive ring was very clear indicating tensile membrane 

action.  

3.5. Theoretical methods for predicting failure of floor slabs 

3.5.1. Classification of the methods 

The coalescence of the generated knowledge on the behaviour of composite slabs in fire into a 

simple but effective design method is a natural progression and aim of many of the afore-

discussed experimental investigations. Understanding the failure mechanisms adopted within 

these methods is important for designing the integrated simulation environment to capture the 

kind of behaviour expected. It is hoped that the theoretical methods presented would also 

provide insight into the possible failure mechanisms of the WTC7 composite floors. From the 

first studies on Cardington, the methods diverged into two distinct branches: Yield Line 

methods, and other methods. All the methods to be discussed in this section share the 

assumption that designing a slab as simply supported without lateral edge restraint produces a 

conservative design that would be exceeded in practice or experiment. All the methods also 

assume that a composite slab on corrugated steel decking could be treated, also conservatively, 

as a flat, lightly reinforced slab with all effects of the steel decking ignored. The steel decking 

is always neglected because of observation during the Broadgate, Basingstoke, and other 

experiments that the steam from the concrete would result in delamination of the decking 

coupled with severely high temperatures within it. Furthermore, none of the methods discussed 

considers finite shear slip between the composite beam secondary beam and the slab, or the 

edge beams and the slab. None of the methods considers the reaction of the slab during cooling, 

either. Most methods, such as Usmani and Cameron’s method (2004), assume that failure 

during cooling is likely to be avoided if sufficient capacity during heating was provided and if 

connections were designed with sufficient ductility at ambient conditions.  

3.5.2. Bailey’s Method 

The yield line-based methods originated in 1943 (Johansen 1943) with the publication of the 

original method in Swedish in Denmark, followed by further development by others (Hayes 

1968a; b; Hognestad 1953; Kemp 1967). A thoroughly detailed historical background to the 

origins of the yield line method can be found in (Burgess 2017a), which eloquently describes 

the method and its history from Johansen (1943), to Hayes (1968a; b) and Bailey (2001). Bailey 

and Moore (2000a; b) were amongst the first to use the yield line method for application to 

composite and flat slabs subject to fire.  Bailey further popularised the method via numerous 
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publications in almost every relevant journal e.g. (Bailey 2003; Bailey et al. 2000, 2008; Bailey 

and Toh 2007), and calibrated and validated the method against many experimental tests such 

as those described in the previous section (Bailey and Toh 2007). Bailey’s method, as it will 

be referred to in this section, begins with the yield line pattern shown in Fig. 3.19 (a) that would 

form as a slab resisted transverse loading in bending. The yield lines demarcate the locations 

at which the reinforcement would yield in flexure and around which the assumed-rigid slab 

segments would rotate. It is by considering the equilibrium of the forces within these segments 

and enhancing them with the contribution of membrane stresses that a capacity would be found 

for a given deflection, which is empirically limited to a conservative value. Failure is expected 

to occur in one of two forms: in the middle of the slab with a through-depth crack forming 

along the short direction and reinforcement rupturing there, or compressive fracture of the 

concrete along the compressive “ring” which occurs to balance out the tensile membrane action 

occurring within the central region of the slab as shown in Fig. 3.19 (b). 

 

Fig. 3.19. load-carrying mechanisms of simply supported slabs (a) yield line, and (b) tensile membrane action 

supported on compressive ring 

Despite its prominence and application in practice (Nguyen and Tan 2015), the Bailey method 

is subject to numerous criticisms from within the research community. Many of the methods 

discussed next were developed to compensate for some of the shortcomings in Bailey’s method 

(Burgess and Chan 2020) or to replace it with a more physically consistent approach (Cameron 

and Usmani 2005a).  

3.5.3. The Flexible Edge Model 

Nguyen and Tan demonstrated that the assumption of rigid vertical edge support is moot 

because the edge beams, even with protection, deflect significantly (Nguyen and Tan 2015). 

They also suggested that by considering the secondary beam as composite with the slab, 
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Bailey’s method effectively double-counts the contribution of the concrete flange of the 

composite beam (Nguyen and Tan 2015). Indeed, the experiments by Nguyen and Tan (2015) 

demonstrated that the Bailey method overestimated the tested floor systems capacity by an 

average of 11% including a 2.28 times overestimate in the capacity of the secondary beams. 

The assumption of an over-predicted load capacity was based on the actual failure deflection 

of the slabs, however, and not on the conservative deflection limit promoted by Bailey’s 

method. When the authors applied the deflection limit of Bailey’s method the results were once 

again within the bounds of the experimental capacities. Nguyen and Toh’s model (2015) 

circumvents the issue with the deflected edge beams by considering their deformation within 

the framework of their model. Once enough deformation is achieved in the edge beams leading 

to their failure, a “folding mechanism” forms, tensile membrane action is lost, and the floor 

system would collapse. It is worth noting that this folding mechanism is assessed in Bailey’s 

method (Bailey and Moore 2000b) by rechecking the capacity of the edge beams after the 

membrane capacity is deemed sufficient, although the deflections of the edge beams are not 

considered when calculating the membrane enhancement. These deflections would indeed 

reduce the membrane enhancement as the relative displacement between the rigid segments 

and the edge is reduced lessening the contribution of the membrane forces to the overall 

resistance of the floor.   

3.5.4. The Imperial Method 

Another method that could be considered to loosely exist within the yoke of yield line methods 

is that developed by Omer et al. (2009, 2010a; b) and extended by Cashell et al. (2011a; b) at 

the Imperial College London. This method, referred to herein as the Imperial method, also 

assumes that the slab would deform following the kinematics prescribed by the Yield Line 

theory where distinct yield lines form along the slab surface and over which the remaining rigid 

segments can rotate but not break away from before ultimate failure. Similar to Bailey’s method, 

this approach also assumes a specific distribution of stresses between the rigid segments but 

does not rely on enhancement factors to increase a flexural yield line-based capacity. Moreover, 

despite assuming rigid rotations about the yield lines, the method also considers the effect of 

thermal gradient on each rigid segment, which is more compatible with experimental 

observations and something no other yield line-based method had done up to that point. Due 

to this, the method requires an iterative solution for each temperature level. Failure, according 

to (Omer et al. 2010a), was only considered along the short-direction through-depth crack or 

two through-depth cracks at the intersection of the diagonal and horizontal yield lines over 
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which the reinforcement would rupture. This was later extended with the inclusion for potential 

compressive failure along the compressive ring by Cashell et al. (2011b). One of the primary 

contributions of the Imperial method is that it considers the concentration of strain in the 

reinforcement across the through-depth cracks and relegates the failure to the strain expected 

for rupture of the reinforcement at the crack locations. The bond strength between the rebars 

and the concrete is critical within this model, as the loss of bond at the location of cracks and 

its development up to its full strength away from the crack face or slab edge influences the 

strain in the rebar significantly and can thus affect the failure predictions. Cashell et al. (2011a) 

validated the model against tests at ambient temperature, and further studied the effect of the 

constitutive relationship of the reinforcing steel, reinforcement area, and geometric 

configuration of the slab. It was found that more ductile reinforcement is more likely to result 

in crushing failure of the concrete within the compressive ring, while less ductile reinforcement 

is likely to fail in tension. One of the main drawbacks of this model is that it is highly influenced 

by bond strength assumptions, over which only little information is available in the literature. 

While this may hinder the direct application of the model in design and analysis, this ought not 

be considered a deficiency in the method but rather point towards its more holistic 

consideration of the behaviour of slabs at ultimate limit state and the many factors that can 

influence ultimate failure.  

3.5.5. The Burgess Method 

The latest addition to the library of analytical approaches for analysing and designing slabs to 

incorporate the additional capacity provided by tensile membrane action is provided by 

Burgess (2017), Burgess and Sahin (2018), and Burgess and Chan (2020). Starting with an 

ambient analytical method in 2017 (Burgess), Burgess set the groundwork for his approach by 

doing away with the traditional practice of establishing equilibrium at the yield lines and 

focusing on the overall equilibrium of the system. This results in 30 different possible 

combinations of stress-block configurations associated with the changing inclination of the 

neutral axis on the concrete surface at the yield lines. The stress block eventually rises above 

the top surface of the slab leaving only the reinforcement in tension at the crack location. The 

Burgess method was extended for thermal action in (Burgess and Sahin 2018) where the effect 

of reinforcement ductility and varying yield line pattern due to orthotropy of the floor system 

were also addressed. The Burgess method is fundamentally different from Bailey’s method on 

multiple levels. First, Bailey’s method prescribes a yield line pattern of a lightly reinforced 

concrete slab ignoring the inherit orthotropy of the composite floor system introduced by the 
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direction in which the secondary composite beams act because of the assumption that at high 

temperatures the secondary beams would have lost most of their capacity. The Burgess method 

considers this orthotropy from the beginning because according to Brugess and Sahin (2018) 

the yield lines would form at relatively low temperatures and once formed do not change, and 

are affected by orthotropy. 

Finally, Burgess’ method explicitly accounts for the change in concrete contact conditions and 

fracture of reinforcement in either and both directions across the yield lines, which would lead 

to eventual failure predictions that closely adhere to the physics of the collapse mechanism. 

Burgess and Chan (2020) updated the method, although for ambient, to consider edge restraint. 

Their findings indicate that initially, compressive membrane action acts to increase the initial 

capacity, but is quickly lost at higher deflections of the slab. They also discovered that by 

considering lower-bond reinforcement such as plain rebars, the potential for enhancement due 

to tensile membrane action increases significantly due to larger deflections and increased crack 

width at which the reinforcement would rupture. These observations and their consideration 

remain to be included in fire in future iterations of the Burgess model. 

3.5.6. Usmani and Cameron’s Energy Method 

Usmani and Cameron (2005a; b; 2004) believe that the yield line approach is incompatible 

with the deflections observed in real fires. According to their model, a composite slab at 

elevated temperatures takes the form of a sinusoidal curve in both lateral directions without 

any discrete discontinuities analogous to the yield line method. This assumption, which is in 

contradiction to all other yield line methods aforementioned, is based on numerous first-hand 

observations and numerical studies performed on the Cardington experiments (Gillie et al. 2001; 

Lamont et al. 2004; Sanad et al. 2000; Usmani et al. 2001). While the deflected shape is 

primarily induced by thermal strains, thermal forces and moments would develop within the 

slab due to restrained expansion. By assuming that failure occurs as the reinforcement reaches 

rupture strain as prescribed by the Eurocode 2 (BSi 2004), and by considering both the 

deflected shape and corresponding mechanical strain in the reinforcement, a deflection limit is 

set for each temperature considering thermal degradation of material. Since the deflected shape 

is a sinusoid, then each rebar would have a different strain and stress state, and this must be 

accounted for when calculating the internal energy which is the next step. The internal work 

needs to be calculated iteratively due to the nonlinear deflection response of the slab. The final 

step would be calculating the external work, and equating it with the internal work to estimate 

the ultimate capacity of the slab that would result in rupture of the rebars at a given temperature. 
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This procedure needs to be carried out for a number of temperature points to construct a 

temperature-deflection and temperature-load envelopes. Comparison with the Cardington 

experiments demonstrate close agreement with the calculated deflection and showed that most 

of the experiments had ample capacity to survive further heating and loading. The capacity of 

the internal secondary beams are not considered in the method, and as shown in Cameron and 

Usmani (2005b), even at 900°C the 6% remaining capacity of the secondary beams can be 

nonnegligible. The problem with calculating the secondary beam capacity at such high 

temperatures is that the response is highly nonlinear with small errors resulting in big 

differences in capacity estimates (Cameron and Usmani 2005b). Another important finding that 

this method demonstrated is the importance of short span reinforcement. It was observed that 

for the same level of vertical deflection, compatibility requires the short span strain to be near 

double the long span strain. This is, of course, highly dependent on the aspect ratio of the slab 

panel analysed with the increase of which the accuracy of the Cameron-Usmani method 

decreases (Cameron and Usmani 2005b). Finally, the anchorage of the tensile membrane action 

in this method ignores the stabilising effect of the compressive ring and transfers the lateral 

and torsional forces directly into the surrounding frame and its connections, with the cooling 

phase being most critical for the latter. Therefore, by following this method, designers must 

consider the additional forces that the rest of the structure would be subject to and design for 

capacity and ductility accordingly. The absence of torsional distortions in the perimeter girders 

of the Cardington experiment suggests that these capacities are implicitly included within 

standard design procedures for ambient conditions. Nonetheless, it is important to verify the 

surrounding structure is indeed capable of sustaining the new load paths generated from tensile 

membrane action whenever that capacity is exploited for accidental damage design.  

3.5.7. Abu et al. Variational treatment  

Abu et al. (2013) approached the problem of estimating the tensile membrane action 

contribution to fire resistance from a computational mechanics point of view by relying on the 

Rayleigh-Ritz method with prescribed shape functions. First, the differential equation 

governing the large deformation of an elastic plate is established alongside its boundary 

conditions. The boundary conditions assumed no lateral force, moment, vertical deflection, or 

curvature in either direction at the slab edges. Then, a linear thermal gradient is assumed 

through the depth of the slab along its corresponding mechanical strains. With this information 

established, the internal strain energy is calculated by prescribing a number of shape functions 

to describe and relate the freedoms of the problem and integrating over them. Based on this 



77 

 

Rayleigh-Ritz approach, Abu et al. (2013) established that tensile membrane action can be 

achieved with thermal gradient alone, and can successfully support itself via a compressive 

ring without requiring lateral restraint as vertical restraint is sufficient. For accurate prediction 

of stresses especially along the boundaries, however, the method would require a large number 

of shape functions for which minimizing the total potential energy becomes more and more 

computationally expensive, and with no guarantee that the result would be significantly more 

accurate. While the usefulness of this model lies in assessing the feasibility of phenomenon 

such as compressive ring supporting tensile membrane action, it is not expected that it can be 

practically used by engineers for analysis or designs, which was not the intention behind 

developing this model in the first place. 

3.5.8. Zhang and Li’s Elliptical Membrane Model 

Li et al’s (2007) and more recently Zhang and Li’s (2010) models are based on observation of 

slab behaviour during fire. While these models assert that in the early stages of a fire the slab 

resists its loading primarily in bending, they assume that the yield line would disappear as the 

load resistance mechanism transitions into tensile membrane action at high temperatures. As 

temperatures continue to grow, the yield lines would form due to the thermal degradation of 

stiffness. At even higher temperatures, however, the load-carrying mechanism changes from 

bending into an elliptical central tensile membrane region surrounded by a compressive 

concrete ring. The approach is relatively straightforward. First, the slab is considered to consist 

of four rigid segments that comprise the concrete compression ring as shown in Fig. 3.20. 

Failure is assumed to occur when the reinforcement ruptures, or the concrete ring crushes. The 

limit on rupture of the reinforcement is set by calculating an ultimate deflection accounting for 

the rigid rotation of the ring segments based on yield line theory, and a deflection of the 

elliptical segment at which the reinforcement would reach rupture strain. The ultimate capacity 

can then be calculated by taking force and moment equilibrium over the ring segments and 

considering the capacity of the elliptical segment. Assessment of concrete crushing in the ring 

is carried out as a simple capacity check after the ultimate rupture capacity is established. The 

2010 version of this model provides a simpler way to calculate the forces at the boundaries and 

ensures equilibrium within the slab. The validation of the model provided in Zhang and Li 

(2010) compares experimental values against Bailey’s method, the older version of the model 

(Li et al. 2007) and the 2010 model. Unfortunately, the 9 results shown in the validation suggest 

that the 2010 model is likely to significantly overestimate the capacity of the slabs, which is 

something that the results predicted by Bailey’s model and the 2007 model do not do. Indeed, 
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the validation results in (Zhang and Li 2010) suggest that the 2007 model (Li et al. 2007) is 

significantly better at predicting safe results. However, this observation is based on only nine 

validation data points provided in (Zhang and Li 2010), which is far below a sufficient number 

of observations for achieving statistical confidence. 

 

Fig. 3.20. Zhang & Li's model representation of the compressive ring and tensile region (Zhang and Li 2010) 

3.6. Conclusion 

In this chapter, several recent experimental and theoretical studies on the behaviour of 

composite floors in fire was presented. Through this literature review, it is apparent that the 

current understanding of the behaviour of composite slabs in fire is largely based on 

extrapolation from a limited number of highly idealised tests on a limited number of specimens 

which are summarised in Table 3.5. Since the turn of the century, the total number of two-way 

specimens tested for behaviour in fire numbers only 94, 43 of which were tested at ambient, 

and 75 were small scale tests.  All major experimental work, except for the parking structure 

tested by Zhao and Kruppa (2004), is based on highly idealised temperature-time curves such 

as the ISO 834 or arbitrary heating rates enforced by logistical considerations. 

Almost all theoretical methods developed so far assume that the simply supported boundary 

condition is the most critical in a fire. Therefore, Bailey’s yield line approach and its extensions 

all rely on the development of a clear yield line pattern which only seems to occur in select 

experiments with no strong edge restraints, and particularly in tests performed at ambient such 

as (Bailey et al. 2000; Cashell 2009). So far, there does not seem to be strong evidence that a 

real slab subjected to fire would deflect according to the discretised-segment model adopted in 
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Bailey’s method. What was observed in most experiments is cracking at locations which are 

subject to high levels of restraint such as slab corners (Fan et al. 2015; Li et al. 2017; Nguyen 

et al. 2015; Nguyen and Tan 2017; Tan and Nguyen 2015; Vassart and Zhao 2011; Zhao et al. 

2011), and the proximity of edge beams (Li et al. 2017; Nguyen et al. 2015; Tan and Nguyen 

2015; Vassart and Zhao 2011; Wellman et al. 2011; Yang et al. 2013; Zhao et al. 2011). There 

was also a less frequent observation of cracking through the depth of the continuous portion of 

a composite slab on steel decking (Li et al. 2017; Lim and Wade 2002; Wellman et al. 2011; 

Yang et al. 2013); an outcome that was not reported to have presented in COSSFIRE and 

FRACOF (Vassart and Zhao 2011; Zhao et al. 2011). Likewise, cracking over secondary beams 

was reported in (Li et al. 2017; Nguyen et al. 2015; Nguyen and Tan 2017; Tan and Nguyen 

2015; Wellman et al. 2011), but not in (Vassart and Zhao 2011; Zhao et al. 2011). 

Furthermore, experiments such as the BRE Large Slab (Bailey et al. 2000) and the Imperial 

Bond and Ductility Experiment (Cashell 2009) strip their slabs from the steel deck to perform 

ambient-temperature experiments. This is because steel decks are assumed to buckle, debond, 

and lose strength in fire quickly. Debonding was indeed observed in (Li et al. 2017; Lim and 

Wade 2002), and temperatures were reported to have been very high in the decking in the 

Purdue experiment (Wellman et al. 2011). This, however, does not consider that despite 

observed local debonding the steel decking may still contribute at least to the early stages of 

fire where it may still retain a portion of its strength. This effect should be significantly more 

prominent in more realistic fire exposure where temperatures may not exceed 700-800 °C for 

a short duration, and the steel deck is fully protected. The shear connection between the beams 

and slab was retained to a major extent in most tests, without any observed failure. Likewise, 

all connections survived the fire tests including the unprotected connections of COSSFIRE 

(Zhao et al. 2011). Most specimens tested in fire, neglecting the BRE small scale experiments 

(Bailey and Toh 2007), survived the heating phase. No failure during the cooling phase was 

observed in any of the experiments that allowed for cooling either. Failure rarely occurred, and 

when it did, it was due to runaway at very high temperatures such as the case in the Purdue 

Composite Floor experiment (Wellman et al. 2011).  

Looking at the experiments reviewed, it is clear that most are highly idealised and are far from 

typical construction. Almost all experiments focused on idealised single panels disjoint from 

any adjacent structural elements that would be present in any real building. When more 

ambitious experiments were carried out, such as the full-scale experiment at Jinan University 

(Yang et al. 2013), the floor system behaviour became significantly more nuanced. Varying 
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top and bottom reinforcement and the continuation of floor slab over multiple bays are key 

factors in producing non-localised cracking patterns such as those shown in Fig. 3.13 and are 

completely outside the scope of a single panel experiment. Unfortunately, even the more 

ambitious experiments fall woefully behind the true complexity of real buildings and are 

merely representations of themselves and not of what may be expected of a realistically 

complex structure.  

Table 3.5. Summary of surveyed experimental studies 

Experiment Fire Scale boundary Test description 

BRE Large Slab 

(Bailey et al. 2000) 
Ambient 

Full scale; 9.5 m × 

6.5 m 

Attached to supporting 

steel frame with shear 

connectors along edges 

LWC ribbed slab stripped from 

steel decking and loaded uniformly 

until failure in TMA by 

reinforcement rupture 

BRANZ Slab Test 

(Lim and Wade 

2002) 

ISO 834 
Full scale; 3.3 m × 

4.3 m 

Simply supported with 

clamped corners in some 

specimens 

6 NWC flat slabs with different 

reinforcements loaded uniformly 

and heated in furnace for 3 hours 

BRE Small Scale 

Tests (Bailey and 

Toh 2007) 

Ambient; 

ISO 834 

Small scale; 1.2 m 

× 1.2 m and 1.8 m 

× 1.2 m 

Simply supported with 

clamped corners 

44 NWC (assumed) flat slabs with 

different reinforcement types; half 

tested at ambient until failure and 

half tested at elevated temperature 

The Imperial Bond 

& Ductility 

Experiment (Cashell 

2009) 

Ambient 

Small scale; 1.7 m 

× 1.7 m and 2.45 

m × 1.7 m 

18 simply supported, 2 

fully restrained  

20 NWC (assumed) flat and ribbed 

slabs with different reinforcement 

types, ratios, and depth. Tested at 

ambient until failure under uniform 

load 

Southeast 

University Profiles 

Slab tests (Fan et al. 

2015) 

ISO 834 
Full scale; 3 m × 

1.86 m 

Edge embedded into 

large concrete beams 

2 NWC (assumed) ribbed slabs 

composite with steel deck loaded 

uniformly and heated for 90 

minutes. Very weak concrete so 

early cracking 

Parking Structure by 

Zhao & Kruppa 

(Zhao and Kruppa 

2004) 

Real car 

fire 

Full scale 

structure, 32 m × 

15 m open air car 

park 

Slabs composite with 

steel framing using 

shear studs (assumed) 

2 test fires in an open car park  

FRACOF & 

COSSFIRE (Vassart 

and Zhao 2011; 

Zhao et al. 2011) 

ISO 834 

Full scale 

structural 

assembly, 6.66 m 

× 8.735 m and 

6.66 m × 9.0 m 

Slabs composite with 

steel frame using headed 

shear studs 

2 tests on NWC ribbed slabs on 

trapezoidal deck composite with 

steel frame of different 

arrangement and fire protection 

subject to 120 minutes of heating   

The Purdue 

Composite Floor 

(Wellman et al. 

2011) 

ASTM 

E119 

Scaled frame, full 

scale slab; 3.96 m 

× 2.13 m 

Slab extends beyond 

framing; no explanation 

of connection to furnace  

3 LWC slab on trapezoidal steel 

deck partially composite with two 

girders connected by three 

secondary beams 

Jinan Three-floored 

Composite Building 

(Yang et al. 2013) 

Cool 5-

hour fire 

Full scale 

building, 13.5 m × 

13.5 m 

Slab composite with 

steel framing using 

shear studs; one central 

test and one corner test 

NWC flat slab composite with 

primary steel frame subjected to 

slow heating for 5 hour and then 

cooling for 10 hours  

Nanyang 

Technological 

University tests 

(Nguyen et al. 2015) 

ISO 834 
Small scale; 2.25 

m × 2.25 m 

Finite restraint for 

rotational and in-plane 

movement 

8 NWC (assumed) flat slabs 

composite with edge beams and 

internal secondary beams 

uniformly loaded and heated up to 

2 hours 

Tongji University 

Composite Floor 

Tests (Li et al. 2017) 

ISO 834 
Full scale; 5.2 m × 

3.7 m 

Edge steel frame fixed to 

furnace support beams 

4 NWC slabs on trapezoidal steel 

deck fully composite with steel 

frame uniformly loaded and heated 

for up to 100 minutes 
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Chapter 4. Analysis of Slabs in OpenSees 
4.1. Introduction 

Chapter 2 of this thesis established that the behaviour of composite floors in fire is one of the 

essential aspects of the response of WTC7 to the extreme fire scenarios that caused its failure. 

It is thus important that a simulation environment built for design and forensic analysis must 

reasonably assess the response of its composite floor systems to fire. The background presented 

in the previous chapter covered the nuances of composite floor behaviour as observed in the 

laboratory setting. It also highlighted some of the most prevalent thought schools that aim to 

assess the excess capacity and establish the failure conditions of composite slabs. This chapter 

will build upon these ideas to model composite floors in fire using OpenSees. OpenSees, as an 

earthquake engineering tool, was not equipped to study the out-of-plane bending of floor plates. 

Recently, several extensions were made to its framework introducing linear and nonlinear shell 

elements to study the detailed behaviour of shear walls. These developments served as a 

launchpad for the thermomechanical analysis of slabs in fire using OpenSees by providing the 

basic shell elements and cross-sectional discretisation that were extended for use in 

thermomechanical analysis in this work. The first part of this chapter discusses the nonlinear 

shell elements that have been extended for slab modelling, followed by the cross-sectional 

discretisation model used for assessing their thermomechanical response. The next section then 

covers the concrete material model developed for use in OpenSees based on the concrete 

damage plasticity model originally established by Lee and Fenves (1998). The presented 

thermomechanical framework is then validated against small and large scale experimental data 

to ascertain its validity in modelling both isolated slabs and composite floor systems.  

4.2. Floor modelling framework in OpenSees 

4.2.1. Nonlinear shell elements 

Two four-noded quadrilateral shell element types are available for modelling out-of-plane 

bending of slabs in OpenSees: MITC4 and NLDKGQ. MITC4 is a shell element with five 

degrees of freedom (DoFs) at each node constituting translation along the three axes of the 

element and rotation about its two planar axes: u1, u2, u3, α and β as shown in Fig. 4.1 (a). The 

geometry of this element is not limited to ideal quadrilaterals due to its isoparametric 

formulation which entailed that both its configuration and nodal displacements are described 

with the same shape functions (Dvorkin and Bathe 1984; Ko et al. 2017). However, there are 
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three primary concerns in regards to this element: (1) with five nodal freedoms this element 

would not be compatible with the OpenSees beam elements each of which has six degrees of 

freedom, (2) the element is relatively sensitive to mesh distortion and may lock when subject 

to a uniform bending moment, and (3) large deformations may exceed the capabilities of the 

element in representing geometric nonlinearity (Lu et al. 2015). Despite these issues, the 

OpenSees implementation of this element has been used successfully for the analysis of shear 

walls subject to earthquake loading (Lu et al. 2015).  

The NLDKGQ element on the other hand is capable of representing both shear walls and floor 

slabs accurately. This element is an amalgamation of the planar GQ12 element and the DKQ 

plate bending element, each of which contributes half the number of degrees of freedom (Lu et 

al. 2018). The transverse displacement and planar rotations are derived from the plate bending 

DKQ element and the other freedoms from the GQ12 element as shown in Fig. 4.1. (b) (Batoz 

and Tahar 1982; Long and Xu 1993). The NLDKGQ element inherits its lock-immunity from 

the DKQ element and considers geometric nonlinearity by utilising the updated Lagrangian 

formulation presented in (Belytschko et al. 2013; Lu et al. 2018). Lu et al.  (2018) further 

demonstrated that the NLDKGQ element is insensitive to mesh distortion, which in addition to 

its lock-immunity, compatible freedoms, and consideration of geometric nonlinearity makes it 

a viable option for modelling composite floor systems in fire.  

 

Fig. 4.1. Sample freedoms are shown at random nodes of (a) MITC4, and (b) NLDKGQ 

The stiffness of the NLDKGQ element is calculated as the summation of a linear and a 

nonlinear component where both components are temperature-dependent: 𝑲 = 𝑲𝑛𝑙(𝑻) +

𝑲𝑙(𝑻) . Temperature causes thermally-induced material degradation that affects the linear 

stiffness 𝑲𝑙  at time 𝑡  by degrading the tangential constitutive stiffness, and the nonlinear 
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stiffness 𝑲𝑛𝑙   by changing the axial forces. The tangential stiffness is calculated at each 

integration point and represented by a layered shell section to calculate the bending and 

membrane constitutive matrices 𝑫𝑏𝑏 , 𝑫𝑏𝑚 , 𝑫𝑚𝑏 , and 𝑫𝑚𝑚 , which are dependent on 

temperature profile 𝑻. These matrices are then used to calculate 𝑲𝒍 as shown in Eq. 1 (Lu et al. 

2018). The subscripts b and m denote bending or membrane stiffnesses, respectively.  

𝑲𝑛𝑙(𝑻) + 𝑲𝑙(𝑻) = [
𝟎 𝟎
𝟎 𝑲σ(𝑻)

] + ∬ [
𝑩𝑚

𝑇 𝑫𝑚𝑚(𝑻)𝑩𝑚 𝑩𝑚
𝑇 𝑫𝑚𝑏(𝑻)𝑩𝑏

𝑩𝑏
𝑇𝑫𝑏𝑚(𝑻)𝑩𝑚 𝑩𝑏

𝑇𝑫𝑏𝑏(𝑻)𝑩𝑏

] 𝑑𝐴

𝐀𝐭

 (1) 

The primary effect of temperature on the geometric nonlinearity arises from the change in the 

axial forces in both 𝑥 and 𝑦 directions as shown in Eq. 2 (Lu et al. 2018): 

𝑲σ(𝑻) = ∬ 𝑮𝑇�̅�𝒕(𝑻)𝑮𝑑𝐴

𝑡

; �̅�𝒕(𝑻) = [
𝑁𝑥(𝑻) 𝑁𝑥𝑦(𝑻)

𝑁𝑦𝑥(𝑻) 𝑁𝑥(𝑻)
] (2) 

In this equation, a change in temperature affects the in-plane force matrix �̅�𝑡 at time 𝑡 due to 

changed thermal elongation and thus thermally induced action, which is calculated as detailed 

in the next section. The matrix 𝑮 is obtained from the interpolation function of the DKQ 

element (Batoz and Tahar 1982; Batoz et al. 1980; Lu et al. 2018).  

4.2.2. Cross-sectional discretisation 

Following the OpenSees workflow (McKenna et al. 2000), the response at each of the Gauss 

points is calculated by the “section” object, which is an abstraction of the cross-section of the 

structural members discretised by OpenSees elements. Composite sections comprise steel 

sheeting topped off with concrete strengthened with nominal steel reinforcement in the form 

of welded wire meshes or reinforcement bars. These floors are often chosen because they are 

easy to construct and are lightweight, with thicknesses in the order of 0.1 to 0.2 m. In WTC7, 

for example, the floor plate was about 140 mm and covered the entire floor area of 3850 m2 

with minimum spans in the order of about 3 m. It is thus reasonable to assume that shear 

deformations are negligible in the analysis of such floor systems, and it is generally safe to only 

consider the in-plane stresses and strains of the floor. This allows for the simplification of the 

cross-section of the floor by using plane-stress material layers. The “layered section” 

abstraction allows for considering the effect of steel and concrete using any number of different 

material models for each, assuming that these materials layers are perfectly bonded to one 

another. This is done by specifying the corresponding material definition and thickness to each 

layer and basing the element stresses on the integrated sum of the layered sections at each 
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Gauss point. As shown in Fig. 4.2, two approaches for the layered section are used when 

defining reinforcement: the “rebar mesh” approach, and the “steel layer” approach. Both 

approaches are smeared representations of the reinforcement bars, but each is different in how 

that representation is abstracted. The rebar mesh approach uses a plane-stress wrapper that 

adapts a uniaxial material definition to the interface of the layered section. In this way, a rebar 

mesh layer represents rebars acting in only one direction, which is particularly useful for cases 

where longitudinal and transverse reinforcement bars are of different sizes or material strength. 

The steel layer approach on the other hand represents both longitudinal and transverse steel by 

a single, biaxial plane-stress steel layer using the J2 plasticity material model. This allows for 

using fewer layers for the representation of reinforcement but comes at the expense of a 

relatively more complex material model at least in comparison to the uniaxial material model 

used for the rebar mesh model. Furthermore, the biaxial interaction introduced by the J2 

plasticity model may result in overestimating the contribution of the reinforcing bars in the 

response of the shell element as a result of the higher biaxial strength of the elliptically-shaped 

yield surface of the J2 plasticity model. This is not the case with the rebar mesh model as each 

steel layer acts independently of the other as it can only contribute to the stiffness in its 

predefined orientation as shown in the figure.      

 

Fig. 4.2. layered section representation for thermo-mechanical shell elements 

The state determination process for the shell elements subject to thermal loading within 

OpenSees is depicted in Fig. 4.3. This process is  divided into two stages for each load step: 

the residual-force determination stage at iteration 1, and the corrector stage in the following 

iterations. For the first iteration of a load step k, the temperature from either the nodes or the 



90 

 

element level is interpolated to the cross-section at the location of each Gauss point. The 

element then sends the interpolated temperature profile to each of the four copies of the cross-

section object at the Gauss points and awaits their response. Each copy of the cross-section 

object then interpolates the temperature across its depth, as opposed to across the element plane, 

and sends a single uniform temperature and thermal gradient to each of its layers. The 

summation of the thermal reaction of each layer then constitutes the thermal force for each 

integration point i as follows (Jiang et al. 2015):  

 𝐹𝑖 = ∑ 𝐸𝑗α𝑗Δ𝑇𝑗
𝑛
𝑗=1  (3) 

𝑀𝑖 = ∑ 𝐹𝑗(𝑧𝑗 − 𝑧̅)

𝑛

𝑗=1

+ ∑ 𝐸𝑗𝐼jα𝑗(𝑇,𝑧)𝑗

𝑛

𝑗=1

 
(4) 

Where 𝐹𝑖 is the force due to restrained thermal expansion, and  𝑀𝑖  the thermally-induced 

moment. 𝛼𝑗  is the thermal expansion of layer j, 𝐸𝑗  its Young’s modulus, 𝐼𝑗  the moment of 

inertia, and Δ𝑇𝑗 the uniform component of the thermal load at the layer. The sum is carried over 

all n layers of the cross-section. 𝑧𝑗 and  𝑧̅ are the coordinates of the centroid of the layer and 

the section respectively, and (𝑇,𝑧)
𝑗
 is the thermal gradient at the layer. The residual force, or 

out-of-balance 𝑭𝑢
𝑖  is then calculated as the summation of the thermal forces 𝑭𝑡ℎ, external force 

𝑭𝑒𝑥  and resistance forces updated for material degradation 𝑭𝑟𝑒𝑠𝑖𝑠𝑡𝑎𝑛𝑐𝑒: 

 𝑭𝑢
𝑖 = 𝑭𝑒𝑥 + 𝑭𝑡ℎ − 𝑭𝑟𝑒𝑠𝑖𝑠𝑡𝑎𝑛𝑐𝑒 (5) 

In the following stage, the trial displacements are updated, the residual forces recalculated, and 

the element and global stiffnesses reassembled. The results of step k are then committed if the 

convergence criteria defined is satisfied, or additional iterations are performed until either 

convergence or the allowed number of iterations is reached.   
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Fig 4.3. State determination of thermo-mechanical shell element (Jiang et al. 2021) 

4.2.3. Concrete Damage Plasticity  

A typical concrete damage plasticity (CDP) model has four major components for state 

determination: (1) Effective stress prediction: estimates the elastic stresses via Hooke’s law 

from trial strains. (2) Yield rule: governs when the stress state constitutes yielding by forming 

the yield surface. (3) Flow rule: relates the plastic strain state to the change in plastic potential.  

(4) Evolution of damage: estimates the accumulation of damage with incrementation of stress 

and strain states. A plane-stress form of the CDP model has been developed in OpenSees to 

include these four components and the temperature-dependent material behaviour of concrete.  

The stress state in the CDP model is described by the Cauchy stress and effective stress tensors. 

The latter refers to the state of stress before considering the damage, which is comparable to 

the state of perfect elastoplastic material. The trial effective stress, �̅�, is calculated as: 

 �̅� = 𝑬𝟎,𝑻𝜺𝒆 = 𝑬𝟎,𝑻(𝛆𝑡𝑜𝑡𝑎𝑙 − 𝛆𝑡ℎ − 𝜺𝑙𝑖𝑡𝑠 − 𝜺𝑝) (6) 

Where 𝑬0,𝑇 is the undamaged but thermally-softened constitutive matrix at temperature 𝑇, and 

𝜺𝒆 the elastic component of the strain tensor.  𝛆𝑡𝑜𝑡𝑎𝑙  is the total strain tensor calculated at each 

layer from the layered section, and 𝜺𝑝 is its plastic component. When the concrete material is 

subjected to an elevated temperature due to fire exposure, a thermal strain 𝛆𝑡ℎ  is used to 

account for the thermally induced expansion. The CDP model adopts the suggested thermal 

elongation in the Eurocode 2 for concrete material of siliceous and calcareous aggregates (BSi 
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2004a). A load-induced thermal strain (LITS) 𝜺𝑙𝑖𝑡𝑠 is used to consider the transient creep strain 

due to compression. The LITS component of total strain has been well-discussed by Le et al. 

(2019) and can be described by serval different expressions. For this work, the polynomial 

model, originally from Diedrichs (1987) and presented by Le et al. (2019) is adopted and is 

defined by Eq. (7).  

𝜺𝑙𝑖𝑡𝑠 = (4.12 × 10−5(𝑇 − 20) − 1.72 × 10−7(𝑇 − 20)2

+ 3.3 × 10−10(𝑇 − 20)3) ∙
𝜎

𝑓𝑐0
 

(7) 

Where 𝑇 is the temperature, σ the compressive stress, and 𝑓𝑐0 the initial concrete compressive 

strength. Since this model is an empirical correlation it has the shortcomings of being 

dependent on the experimental conditions for which it was derived, and not addressing the 

details of the fundamental physical phenomenon which it interprets. Despite these shortfalls, 

Eq. (7) has been shown by Le et al. (2019) to provide a good approximation of the strain state 

compared to other more sophisticated and significantly more complicated physical and 

empirical models. This relatively good performance compared to other models and the simple 

nature of the necessary computational implementation makes Eq. (7) suitable for the current 

work. It may also prove to be a valuable reference benchmark in the future where it is hoped 

to address the LITS problem in more detail.  

To check whether the material state has become plastic, the trial effective stresses calculated 

from Eq. (6) should be examined by the yield criteria: 

 
𝐹(�̅�, κ𝐭, κ𝐜, T) =

1

1 − α
[α 𝐼1̅ + √3𝐽2̅ + β(κ𝐭, κ𝐜, T)〈σ̂̅𝑚𝑎𝑥〉] − 𝑐𝑐(κ𝐜, T) (8) 

In which 𝐼1̅  is the first stress invariant in the effective stress domain, and 𝐽2̅ is the second 

deviator stress invariant which also lives in the effective stress space.  〈σ̂̅𝑚𝑎𝑥〉 is the Macaulay 

bracket function of the algebraically maximum principal effective stress, which evaluates to 

either 0 in case of biaxial compression or the maximum positive tensile stress otherwise. The 

variables α, β(κ𝐭, κ𝐜, 𝑇), and 𝑐𝑐(κ𝐜, T) are calculated as shown in Eq. (9), and govern the 

various points of the yield surface in the effective plane stress space as shown in Fig. 4.4. 

 
α =

𝑓𝑏0,𝑇 − 𝑓𝑐0,𝑇

2𝑓𝑏0,𝑇 − 𝑓𝑐0,𝑇
 (9) 
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𝛽(κ𝐭, κ𝐜, 𝑇) =
𝑐𝑐(κ𝐜, T)

𝑐𝑡(κ𝐭, T)
(𝛼 − 1) − (1 + 𝛼) 

𝑐𝑐(κ𝐜, T) = 𝑓𝑐,𝑇(κ𝐜); 𝑐𝑡(κ𝐭, T) = 𝑓𝑡,𝑇(κ𝐭) 

In the region of biaxial compression which lies in the third quadrant of Fig. 4.4, the CDP surface 

is equivalent to the Drucker-Prager yield criterion. The default biaxial compressive strength 

𝑓𝑏0,𝑇 is taken as 1.16 times the axial compressive strength  𝑓𝑐0,𝑇 as shown in the work of Kupfer 

et al. (1969). The work of Ehm and Schneider (1985) suggests that this ratio increases with 

elevated temperatures up to a maximum of 1.86. This variation was implemented in the CDP 

material model in SAFIR (Gernay et al. 2013; Gernay and Franssen 2015).  In the current 

implementation of the CDP model, this ratio is assumed to remain constant with temperature 

at a default value of 1.16. β is defined by the compressive and tensile cohesive strengths 𝑐𝑐 and 

𝑐𝑡 and ensures a smooth transition from the compression region to the tension region. The 

cohesive strengths 𝑐𝑐 and 𝑐𝑡 correspond to the uniaxial compressive and tensile strengths 𝑓𝑐 

and 𝑓𝑡  respectively. 

 

Fig. 4.4. Yield surface variation with temperature in the effective plane stress space 

To determine the effective stresses from the overflowed trial stresses, the increment in the 

principal plastic strain tensor �̇̂�𝑝 is determined using a return-mapping algorithm. This is done 

by incrementing the state of the plastic strain using the non-associated flow rule given in Eq. 

(10).  
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�̇̂�𝑝 = λ̇ (
�̂̅�

||�̂̅�||
+ α𝑝𝑰) (10) 

Where α𝑝 accounts for dilatancy and is set to 0.3 as default in this model.  �̂̅� is the principle 

deviatoric stress and ||�̂̅�|| is its norm. Finally,  λ̇ is the increment in the plastic consistency 

parameter. The plastic consistency parameter λ  and its increment λ̇  must fulfil the Kuhn-

Tucker conditions: 

 �̇� > 0;  𝐹(𝝈 ̅, 𝜅, 𝑇) ≤ 0;   �̇�𝐹(𝝈 ̅, 𝜅, 𝑇) = 0 (11) 

An internal Newton-Raphson iterative procedure is recommended by Lee and Fenves (2001) 

for the calculation of the plastic consistency parameter and its increment. After obtaining the 

consistency parameter, it is then possible to determine the incremental plastic strains, which 

are used to determine the evolution in the damage variable κ. This is done via another internal 

Newton-Raphson procedure over the damage variable κ, which becomes κ𝑐 for compression 

and κ𝑡 for tension.  For state 𝑖 + 1, the damage variable is implicitly dependent on states 𝑖 and 

𝑖 + 1 as given in the equation: 

 κ𝑖+1 = κ𝑖 + �̇�𝑖+1𝑯(�̂̅�𝑖+1, κ𝑖+1) (12) 

Where 𝑯 is a generalised function of plastic dissipation. In the plane stress domain, this leads 

to the increment in damage variable being calculated for tension and compression using: 

 
κ�̇� =

1

g𝑡,𝑇
𝑓𝑡,𝑇(κ𝑡)�̇�𝑝;  κ�̇� =

1

g𝑐,𝑇
𝑓𝑐,𝑇(κ𝑐)�̇�𝑝 (13) 

The temperature-dependent tensile and compressive fracture energies respectively change from 

their initial values 𝑔𝑡,0 and 𝑔𝑐,0 in correlation with the change in ultimate strength and strain 

due to elevated temperature as per Eq. (14). The tensile and compressive magnitudes of the 

fracture energies are calculated based on a triangular idealisation of the corresponding stress-

strain curve as illustrated in Fig. 4.5. In the figure, m and n correspond to the ultimate strain 

multiple governing the slope of the softening path of the concrete (Wahid et al. 2019; Wahid 

and Bisby 2019).  

 
𝑔𝑡,𝑇 = 𝑔𝑡,0

𝑓𝑡,𝑇ε𝑢𝑡,𝑇

𝑓𝑡,0ε𝑢𝑡,0
;  𝑔𝑐,𝑇 = 𝑔𝑐,0

𝑓𝑐,𝑇ε𝑢𝑐,𝑇

𝑓𝑐,0ε𝑢𝑐,0
 (14) 
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Fig. 4.5. The assumption for change in dissipated energy  

The degradation damage variables 𝐷𝑡 and 𝐷𝑐 are related to the damage variables κ𝑡 and κ𝑐 by 

Eq. (15), in which 𝑎𝑡, 𝑎𝑐, 𝑑𝑡/𝑏𝑡 and 𝑑𝑐/𝑏𝑐 were set in OpenSees to conform to the shape of 

the tensile and compressive curves in Lee and Fenves (1998) which seems to produce good 

results across the board. These variables are easily changed to conform to any curves the 

advanced OpenSees user may want to represent.  

 
Dt = 1 − [

1

at
(1 + at − √ϕt(κt))]

𝑑𝑡/𝑏𝑡

;  ϕ𝑡(κ𝑡) = 1 + 𝑎𝑡(2 + 𝑎𝑡)κ𝑡 

 D𝑐 = 1 − [
1

ac
(1 + ac − √ϕc(κc))]

dc/bc

;  ϕ𝑐(κ𝑐) = 1 + 𝑎𝑐(2 + 𝑎𝑐)κ𝑐 

(15) 

The Cauchy principal stresses in the plane stress form are mapped back to the effective 

principal stress space using the degradation damage variables in the form:  

�̂�+ = (1 − 𝐷𝑡)�̂̅�+;  �̂�− = (1 − 𝐷𝑐)�̂�− (16) 

Where the individual principal stress components are mapped depending on their algebraic 

signs: the positive, tensile components are mapped by 𝐷𝑡 , while the negative ones are mapped 

by 𝐷𝑐. Finally, the principal stresses �̂� are transformed back to the plane stress form: 

𝜎 = 𝑷�̂�𝑷𝑇                                                                                (14) 

Where 𝑷 is the transformation matrix between principal stresses and the plane stresses. 

4.3. Validation 

4.3.1. The BRANZ slabs 

The fire tests performed by Lim and Wade (2002) and discussed in the previous chapter offer 

valuable data on the behaviour of two-way slabs in fire. The three flat slabs tested in that 
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experiment, namely 661, D147, and HD12, were modelled in OpenSees. The specimen 

dimensions, material properties and loading conditions were as documented in the last chapter. 

The reinforcement bars were represented using both approaches discussed in section 4.2.2: 

rebar mesh and steel layer. In the experiment, the slabs were placed on the furnace walls as 

shown in Fig. 4.6 and, except for the clamped edges of specimen D147, were free to expand 

and rotate. In the OpenSees model, the edges were constrained only in the vertical direction. 

In addition, one corner was prevented from in-plane rotation (rotation about the normal axis of 

the slab) and from lateral translations to restrain pseudo rigid body motions of the modelled 

slab. 32 and 42 NLDKGQ elements were used along the short and long directions, respectively. 

These elements used 12-layered sections to discretise the cross-section using the steel layer 

approach and utilised 13 layers when modelled according to the rebar mesh approach. The 

Eurocode 2 material model for hot rolled and cold rolled reinforcing steel was used for the 

rebar mesh model for specimen HD12, and specimens D147 and 661, respectively (BSi 2004b).   

 

Fig. 4.6. distribution of instrumentation in BRANZ slabs (Jiang et al. 2021; Lim and Wade 2002) 

The three specimens modelled in this section were exposed to the ISO834 fire. Disregarding 

the minor fluctuations in gas temperatures during the testing of specimen D147, all specimens 

were subject to the same thermal load. As the heating was on one side of the slab, a two-

dimensional heat transfer model was built in OpenSees and used to simulate the thermal 

response of the slabs. A more detailed discussion on the heat transfer model in OpenSees is 

presented in the next chapter. It suffices, for now, that the results of the thermal analysis agreed 

well with the experimental values collected from thermocouple trees within the slabs as shown 

in Fig. 4.7. 
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Fig. 4.7. results of heat transfer analysis 

Central deflections of the three modelled specimens are plotted in Fig. 4.8 and Fig. 4.10. In 

addition to the experimental and OpenSees results, central displacements from numerical 

models run by Lim et al. (2004) and Gernay and Franssen (2015) are also included in Fig. 4.8. 

Specimen D147 experienced the highest deflections out of the three specimens and the 

potentiometer recording its central deflections reached its limit, and so the last two data points 

on the figure are based on post-test measurement of the unloaded slab. The numerical model 

by Lim et al. (2004) underestimated the deflections throughout the experiment and particularly 

during the last hour where it did not capture any increase in the rate of deflection. Gernay and 

Franssen’s model on the other hand overestimated the deflections until the 150 minutes mark 

after which the reported experimental deflections exceeded the numerical predictions (2015). 

Given that the experimental results after 145 minutes are measured after removing the load, it 

is expected that the difference between the Gernay and Franssen’s model and observed 

deflection is larger than that portrayed in Fig. 4.8.  

The two OpenSees model predictions (rebar mesh and steel layer) also overestimated the 

deflections throughout the test, which is likely due to, at least in part, to the slightly higher 

temperatures applied to the models as demonstrated in the temperature profile given in Fig. 4.7. 

Both OpenSees models demonstrated very similar behaviour with the latter failing slightly later 

and with a lower total deflection. Upon inspection of the tensile damage index on the top of the 

specimen as well as the strain in the reinforcement bars spanning the long direction shown in 
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Fig. 4.9 (a) and (b) respectively, it becomes clear that the OpenSees model predicts the shape 

of the failure profile that would manifest due to excessive strain in the reinforcement across 

the long direction. This failure mode is just as described in the previous chapter by literature 

such as (Bailey and Toh 2007; Cashell et al. 2011; Omer et al. 2010). Moreover, the OpenSees 

results are highly consistent with the experimental observations of the cracking pattern 

observed during the test as reported in Chapter 3.  

 

Fig. 4.8. Central deflection of D147 

 

Fig. 4.9. Slab D147 with rebar mesh results: (a) tensile damage in the top concrete layer, and (b) strain in 

reinforcement bars along the long direction 

The OpenSees deflection data for the other two specimens is compared to the test data in Fig. 

4.10. Specimen HD12, which had the highest reinforcement ratio and was the only one utilising 

hot-rolled bars, experienced the least deflections as shown in Fig. 4.10 (a). The numerical 

model captured this effect well and did not demonstrate any run-away failure or increase in the 

deflection rate towards the end of the analysis. This, however, was not the case for specimen 
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661 the results of which are plotted in Fig. 10 (b). Similar to specimen D147, OpenSees 

demonstrated an increase in deflections when nearing the 150 minutes mark but peculiarly was 

able to sustain the applied load and retain stability until the end of the thermal exposure. Upon 

scrutinising the analysis results it is not immediately clear what may have caused the model to 

restabilise after the increase in deflection rate. It may be that the higher amount of available 

reinforcement allowed the model to reach equilibrium even when the cold worked 

reinforcement steel degraded to only 12% of its original capacity.  

(a)

 

(b) 

 

Fig. 4.10. Central deflection for (a) HD12 and (b) 661 

The less-dense reinforcement of D147 underwent larger strains to achieve equilibrium which 

resulted in early failure of its reinforcement bars as shown in Fig. 4.11. From this figure, it is 

immediately obvious that the strain in the long direction reinforcement bars is an order of 

magnitude higher than the mechanical strain in the short direction bars. This may appear at first 

to be a contradiction to section 3.5.5 in the last chapter which stated that reinforcement strain 

in the short direction bars is expected to be twice as high as that in the long direction. Because 

these experiments were simply supported, the long direction edges were allowed to ‘cave into’ 

the slab thus reducing the mechanical strain in the short direction. For specimen 661, the long 

edge lateral movement was up to four times higher than the displacement in the short edge, and 

the stabilisation occurred due to compressive forces along the long edge developing to resist 

further deformation. 
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Fig. 4.11. Mechanical strain the in the reinforcement bars for specimens D147 and 661 

The stress results for all the layers were extracted from the OpenSees model for all elements. 

Then, the axial stresses in the x, y directions, and shear stress in the xy direction were multiplied 

with their corresponding layer thickness to obtain force vectors corresponding to the layer 

forces. The forces were then summed, and their principal components and direction were 

plotted in Fig. 4.12.  

 

Fig. 4.12. Principal traction forces in slab D147 at 2 hours of heating 

As the figure shows, the tractions conform to the shape of a compressive ring supporting a 

central tensile region as is typical of thermally loaded slabs undergoing tensile membrane 

action.  Alongside the afore-discussed results (deflection, damage, rebar strain), this indicates 

that the current OpenSees framework for modelling slabs in fire is valid and predicts the correct 

behaviour for small models with idealistic boundary conditions. In the next section, this validity 
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is tested at the system level where the floor slab is part of a whole structure including floor 

framing and columns.  

4.3.2. The Cardington corner compartment test 

The Cardington fire tests offer a prime set of data for validating the performance and modelling 

capabilities of the OpenSees shell elements, cross-sectional discretisation, and concrete 

material presented in this chapter. The structure of the Cardington building consisted of steel 

columns and beams constituting the floor framing. Atop the floor beams, a composite floor 

with a maximum thickness of 130 mm and rib depth of 55 mm was cast on 0.9 mm thick 

corrugated steel decking. Composite action was ensured between the floor slab and framing by 

utilising shear studs. Lightweight concrete with a compressive strength of 35 MPa was used 

throughout the building, and all floors were loaded with a uniform distributed load equal to 

4.48 kN/m2 using sandbags.  

The seven Cardington tests varied in fire exposure, with some targeting a single composite 

beam such as test 1, and others such as test 5 exposing half the building to a crib-wood fire. In 

this section, the corner compartment test (test 3) is used for validating the aforementioned 

developments. This test was chosen because it constituted the important case of full-floor 

framing composite with the slab which is a major step-up from the isolated fire tests discussed 

in previous sections. Additionally, this test offers insight into the effect of realistic boundary 

conditions and continuity which, as concluded in Chapter 3, is very difficult to capture in small 

scale tests. Before the test, the ties supporting the gable wall were removed to allow the 

composite floor system to resist the mechanical and thermal loads unassisted and thus give a 

realistic representation of the expected behaviour during such a fire scenario.  Wood cribs with 

a distribution density of 45 kg/m2 were placed within the compartment on the second floor, and 

when burned produced a fire with a heat release rate of 19 MW. The temperature-time curve 

resembled the ISO834 fire, and steel temperatures of some of the unprotected sections were 

higher than 1000 °C. The perimeter beams were insulated by using ceramic fibre blankets and 

a set of masonry walls were erected to keep the thermal exposure within the allocated 

compartment which just extended beyond one bay in each direction as shown in Fig. 4.13. 

Mineral fibre board was used at the interface between furnace walls and the structure of the 

compartment to ensure that the wall did not contribute to the load-bearing action before, during, 

or after the fire.   
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Fig. 4.13. Corner compartment test and OpenSees model 

The test compartment, as well as one bay in each direction, were modelled in OpenSees. Floor 

beams were modelled using fibre-sectioned beam-column elements and so were the columns 

of which the six shown in Fig. 4.13 were modelled extending one floor above and below the 

thermally loaded compartment. Fixed boundary conditions were applied at the north and west 

edges to represent the unheated and thus stiff unmodelled structure.   

The composite floor of the test compartment was modelled using the thermomechanical 

NLDKGQ shell elements to represent the 75 mm flat portion of the ribbed slab. The ribs of the 

slab would cause the floor plate to act orthotropically and have a higher bending and axial 

stiffness in the direction along the ribs. To represent this effect, fibre-sectioned beam elements 

were created at uniform intervals with a vertical offset of 65 mm below the slab, which is half 

its thickness as shown in Fig. 4.14. The nodes of the ribs were then connected to the shell 

elements using beam-type rigid link constraints. These constraints enforce the transfer of all 

degrees of freedom between the beam elements representing the ribs and the flat portion of the 

slab represented with shell elements. Similarly, the connection between the slab and the floor 

beams was enforced using beam and bar-type rigid links. The effect of the steel decking was 

also considered by including a rebar-mesh layer in the layered section definition acting in the 

direction of the ribs. This would prevent the concrete slab from undergoing additional 
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deflections during the ambient loading stage and protect the CDP layers, especially the lower 

ones, from accumulating excess damage prematurely.  

The load was applied in three stages. In the first stage, the columns were loaded axially 

corresponding to the weight of the floors above the test floor. The slabs were loaded with a 

total uniform load of 4.81 kN/m2 distributed to the nodes in the second stage, and finally the 

thermal load based on the experimental results was added in the third stage. All of the loading 

steps were static. Constraints were enforced using the Transformation constraint handler. The 

Krylov Newton algorithm alongside the SparseSYM system of equation performed the load-

stepping integration (Scott and Fenves 2010).  

 

Fig. 4.14. Modelling of the ribs and slab with shell and beam elements (Jiang et al. 2014) 

It is difficult to predict a priori where the largest deflections would occur in the test 

compartment, as shown by the Jinan experiment in section 3.4.4 of the last chapter. Because 

the compartment is located in the corner of the structure, it would be natural to assume that the 

highest deflections should occur somewhere between the middle of the compartment and its 

corner. This is because the floor slab is discontinuous in the south and east directions and only 

the perimeter beams would be able to provide restraint to the thermal expansion that is more 

rigidly resisted by floor continuity towards the interior of the structure. However, in this test, 

the perimeter beams were heavily insulated while the interior beams were left exposed. The 

perimeter framing only achieved a maximum temperature of about 400 °C, while the interior 

beams exceeded 900 °C. This would have caused them to lose significant capacity and thus 

provide less support to the slab. Unfortunately, only point D11, D14, D15, D7 and D8 shown 

in Fig. 4.13 were instrumented, and so the maximum recorded deflections were observed at the 

central point D11.  

The experimental results for the deflections at the central point D11 are plotted in Fig. 4.15 

alongside the predictions made by the OpenSees model and numerical modelling results from 
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Elghazouli and Izzuddin (2004). Both the current model and the model proposed by Elghazouli 

and Izzuddin (2004) agree relatively well with the experimental results. Both, however, 

underestimate the deflections during the greater part of the heating phase. This effect is reduced 

for the predictions by OpenSees after the 60 minutes mark at which point the numerical and 

experimental results are almost in sync. After 100 minutes the experimental results show 

another dip in the deflections followed by cooling-induced recovery. This effect may be a result 

of shrinkage-induced damage in the slab at its supports which was not captured by either the 

current model or that of Elghazouli and Izzuddin (2004).  

 

Fig. 4.15. comparison of deflection at point D11  

The experimental and OpenSees results for the deflections in the remaining displacement 

monitoring points are compared in Fig. 4.16. While, in general, the OpenSees predictions are 

in line with the experimental results at these locations, it is noticeable that the same jump in 

deflection after the 100-minute mark is observed in the northmost monitoring points D14 and 

D15. The deflections at point D8 do not show this jump and nor do the OpenSees results at this 

location. The monitoring data for location D7 is incomplete and it is thus difficult to compare 

it to the OpenSees results which seem to overestimate the deflections there. Point D7 is closer 

to the western wall of the compartment, and it is thus more sensitive to the boundary conditions 

there in comparison to point D8 which is nearest to the corner and which deflections were well-

simulated by OpenSees.  The clarity of the jump in deflections at points D11, D14, and D15 

and its absence in the data for points D7 and D8 indicate that the hypothesis that cooling-

induced cracking caused loss of support at the interface between the heated and unheated parts 

of the floor is plausible.  
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Fig. 4.16. Displacement at points D7, D8, D14, and D15 

The deflections of the corner column F1 were also recorded during the experiment and 

extracted from the OpenSees model. The comparison between the numerical and experimental 

results for the lateral column displacement in Fig. 17 illustrates that the OpenSees model 

overestimated the deflections along the east-west direction (x) normal to the ribs but captured 

the column push-over correctly in the north-south direction (y).  

 

Fig. 4.17. lateral displacement of column F1: West and South are positive 

In the north-south direction, the observed deflection was only 10 mm compared to 20 mm in 

the east-west direction. This is due mainly to the orientation of the column, and secondarily 

due to the longer span in the east-west direction. Additionally, the secondary beam also spans 

in that direction thus produces additional expansion forces to the east. The additional 

deflections predicted by OpenSees in this direction may have resulted from the modelling 

assumptions used such as infinite connectivity between floor beams and slab, approximated 

thermal data from experimental data, as well as rigid boundary conditions at the boundaries of 
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the model. This effect may have been more prominent in the east-west direction due to the 

opening located north of the compartment. 

4.4. Conclusions 

This chapter presented some of the most essential and recent developments made within 

OpenSees to model the behaviour of composite floor systems in fire.  While thermomechanical 

versions of both the MITC4 and NLDKGQ shell elements were developed, the latter is the 

element of choice for the current work. This decision is based on the ability of the NLDKGQ 

element to model geometric nonlinearity, its immunity from locking, adaptability to distorted 

meshes, and compatibility with the OpenSees displacement-based beam-column elements used 

to model the floor framing. The layered-section abstraction associated with these elements is 

also a suitable representation for composite floor slabs such as those used in WTC7 despite 

assuming perfect bond between the layers and relying on plane-stress material. Two approaches 

were demonstrated for representing the steel reinforcement, namely the rebar mesh approach 

and the steel layer approaches. Both approaches model reinforcement bars as a layer of smeared 

rebars, but the first method discretises the longitudinal and transverse reinforcement bars 

separately. The plane stress CDP implementation complements the aforementioned 

developments by considering the difference in concrete performance in tension and 

compression, allowing for a good representation of the concrete thermal degradation, and 

providing an avenue for assessing damage in the different layers as indicated by the damage 

variables.  While the model initially incorporated LITS, it has since been removed due to 

numerical issues. The effect of LITS on composite slabs is certainly a topic for future study. 

The presented framework for modelling composite floors was then validated against two sets 

of experimental data: the flat slabs of the BRANZ tests, and the composite floor system of the 

Cardington corner compartment test (British Steel 1999; Lim and Wade 2002). For the first 

dataset, the OpenSees model was able to capture the general behaviour of the specimens but 

overestimated the deflections for all of them. This was particularly noticeable for specimen 

D147 which was the least heavily reinforced sample out of the three and used the more 

thermally sensitive and less ductile cold worked reinforcement. For this specimen, OpenSees 

predicted runaway failure just before the 150-minute mark, which was not observed 

experimentally. Upon inspection of the damaged state of the slab, it was shown that OpenSees 

correctly predicted that reinforcement along the long direction would reach its ultimate state in 

the middle of the slab accompanied by visible cracking there. This failure mode was observed 
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in other experimental work discussed in the previous chapter and is, therefore, a helpful 

indication of the validity of the current modelling approach. Specimen 661 also underwent 

large deflection at around this point in time but the model was able to remain stable due to the 

larger reinforcement ratio which allowed the reinforcement layers to undergo less severe strains. 

It was clear from this validation study that the rebar approach yields more conservative results, 

and that the presented OpenSees framework is capable of capturing the response of idealised 

experimental samples.  

The modelling results of the Cardington corner compartment test were also favourable. There 

was a very good match between the numerical and experimental results for all displacements, 

but a small discrepancy in the behaviour towards the end of the heating. It is believed that this 

discrepancy (jump in observed deflections after 100 minutes) may be due to local effects 

induced by the beginning of the cooling stage. In addition, OpenSees overestimated the lateral 

deflection in the corner column in the x-direction by about 30%. This may have been due to 

discretisation errors such as idealistic boundary conditions at the edges of the model, 

extrapolated and approximated temperature loading from the experimental data as well as rigid 

connectivity between floor framing components and between the slab and the framing.  

While these validation studies have shown the capabilities of OpenSees in modelling composite 

floor systems, they also highlighted the severe difficulties encountered with model building. 

The relatively small Cardington model, for example, consisted of more than 1000 lines of code 

distributed over six script files. In addition to the tremendous time cost associated with writing 

and debugging the OpenSees scripts, there is a very high potential for unnoticed modelling 

errors making it into the final model. These errors alongside other numerical problems such as 

localised ill-conditioning errors, for example, may only be caught when viewing the “big 

picture” of the analysis results, which cannot be done with the current modelling approach.  

Furthermore, post-processing the results from even a small-scale test such as plotting the 

tractions of specimen D147 shown in Fig. 4.12 are associated with significant effort on the part 

of the analyst. This effort may even exceed the benefit of viewing the results depending on the 

model. For example, plotting the tractions for the Cardington corner compartment model in a 

similar way to D147 was too costly to do because of the relative complexity of the mesh which 

had to vary in size to ensure connectivity between the various components. Considering that 

WTC7 is an infinitely more complex structure than the Cardington building and had a single 

floor area more than ten times the floor area of the model presented in this chapter, it would be 
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impossible to properly analyse and process its results with the same approach. Generalised 

structures of similar complexity to WTC7 would also suffer from the same issue and would be 

completely impractical to simulate using the current OpenSees approach. This is where the 

integrated simulation environment comes in, which is the topic of the next chapter.  
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Chapter 5. Integrated Simulation of Large 
Composite Structures in Fire 
5.1. Introduction 

As discussed in Chapter 2, WTC7 was a complex and large building with structural sections as 

small as a W5×19 beam, and as large as 2.7 m deep built-up transfer girders (MG-27). 

Furthermore, the shape of the floor and the arrangement of the beams, columns, and openings 

result in a complex slab that is exceptionally difficult to mesh manually and problematic to 

connect to the floor framing. The fires WTC7 was subjected to add another layer of intricacy 

to the problem. The thermal exposure was spatially and temporally non-uniform thus requires 

a series of heat transfer analyses corresponding to the different sections and at different 

locations. The boundary conditions required for each of these heat transfer analyses would also 

need to be mapped from fire simulations performed using computational fluid dynamics (CFD). 

The work of the various investigation teams showed that it is necessary to capture the behaviour 

of the composite floors accurately to represent WTC7. The literature review in Chapter 3 then 

demonstrated that failure of simply supported slabs is likely to occur due to rupture of the 

reinforcement under the location of central cracks. Slabs with more complex boundary 

conditions do not experience yield-line cracking but instead crack at the supported edges very 

quickly in a fire. No shear slip was noted in any tests nor was there any evidence of shear stud 

failure whether floor systems were protected or not. The previous chapter showed that 

OpenSees can now accurately model composite floor systems and capture the failure mode of 

at least simple slabs. Modelling large structures such as WTC7 is impossible without further 

development.  

This chapter will introduce a new integrated platform for building sophisticated OpenSees 

models while minimising all the shortcomings of the classical script-based OpenSees model 

building process. This platform herein referred to as the “integrated simulation environment”, 

combines the following functionalities to facilitate efficient simulation of large 

thermomechanical models: 

1. Simple integration with computer-aided design (CAD) or building information models 

(BIM). 

2. A graphical user interface (GUI) strengthened with custom libraries for specialised 

aspects of composite building simulation. 
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3. Automatic mapping between the finite element (FE) model and the CFD model 

followed by automated multi-threaded heat transfer (HT) analyses.  

4. Rich postprocessing via the GUI and assisted by custom data processing tools.  

Each of these components will first be discussed individually, and then their combination into 

the integrated simulation environment is detailed followed by a demonstration of the 

framework in action.  

5.2. Building large OpenSees models 

5.2.1. Introduction to GiD and the GiD+OpenSees interface 

GiD is an extendable general purpose pre and postprocessor (CIMNE 2020). It is equipped 

with basic geometry creation and manipulation capabilities, a meshing engine, and a post-

processor, but does not include a prebuilt numerical solver. To perform numerical analyses, a 

solution engine is required and is added atop the existing interface by employing the openly 

available GiD interface libraries that come prebuilt within the software. The additional 

functionality is added as a “problem type” and allows the user to define one of three generic 

objects: general problem data, materials, and conditions. These objects are then combined, if 

necessary, before being applied to the GiD geometric entities and then inherited by the GiD 

mesh entities. The mesh entities, along with their assigned conditions and materials, are then 

used to create a numerical model for the numerical solver defined by the problem type.  

GiD+OpenSees is a problem type created by researchers at the Aristotle University of 

Thessaloniki for earthquake simulation of structures using GiD and OpenSees (Kartalis-

Kaounis and Papanikolaou 2017). The GiD+OpenSees interface defines a workflow where 

OpenSees materials, sections, and elements are defined as GiD “material” objects that are used 

in combination with one another and assigned to geometry and transferred to the GiD mesh. 

Likewise, GiD “condition” objects are used to define OpenSees constraints, restraints, and 

loads which are also applied to the geometry and transferred into the corresponding mesh 

objects. Unlike material objects, however, condition objects are limited to mesh items in a 

specified “interval”, which is the GiD way to allow multi-stage analyses where the loads in one 

stage are different from those in another. The GiD mesh information is then used to create 

OpenSees problems that are translated into Tcl scripts to be interpreted and solved by a linked 

OpenSees executable. After completion of the solution procedure, post-processing may begin 

by calling the OpenSeesPost programme from within GiD. OpenSeesPost is written in Object 
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Pascal, and simply parses all output files and rearranges the results into a database that is used 

by GiD to overlay the results onto the mesh objects for post-processing.  

While the GiD+OpenSees modules incorporated a lot of useful functionality for modelling 

large structures, it is strictly limited to ambient analysis. Thankfully, as it is an open-source 

tool, it was possible to use it as a launchpad for creating a thermomechanical GiD+OpenSees 

interface that would serve as a major component of the integrated simulation platform.    

5.2.2. Section definitions, element orientation and thermal load 

The GiD+OpenSees Thermal Element Version replaced the standard definition for the 

OpenSees materials, elements, and sections with their thermomechanical counterparts. An 

interface was added to create both fibre-based beam-column element sections, and layered 

sections for shell elements. The added fibre-based beam-column section interface allows the 

creation of five types of sections: I-section, I-section with web stiffeners, plate-stiffened I-

section, T-section, and double T-sections (back-to-back). While the web and flanges of these 

sections must be of the same material, the stiffeners can be designated a separate material. The 

number of fibres in each direction for each of the section components are user-defined, and all 

section types may be rotated by 90° to allow for weak-axis oriented elements. The calculation 

of fibre area, section area, and torsional rigidity was automated within the upgraded interface. 

OpenSees defines section orientation for beam-column elements by specifying a “transform 

vector” vecxz that links the local and global coordinate systems. The original GiD+OpenSees 

interface established the convention that all vertical members are oriented so that their vecxz is 

coincident with the global negative x-axis. For each beam-column element, the local x-axis is 

always predefined to be in the same direction the element is ‘pointing’ in as established by the 

order of the element nodes.  The local y-axis is then defined as the cross product of the 

transform vector vecxz and the local x-axis as shown in Fig. 5.1, and the local z-axis is found 

by taking the cross product of the local x and y axes. Therefore, all vertical beam-column 

elements will have a local y-axis that is either in the same direction or opposite to the global y-

axis. However, this practical consistency comes at the cost that columns must always be aligned 

so that their strong axis is in either the global y or x-axes. 

The GiD transformation convention is more important for non-vertical members. All non-

vertical members as assigned a transform vector vecxz with the positive global z-axis. 

Following the aforementioned transform rules results in non-vertical members always oriented 



115 

 

so that their local z-axis points ‘up’. This way they always bend about their strong axis as 

defined in the fibre-section interface mentioned at the beginning of this section.  

 

Fig. 5.1. Local axis orientation for beam-column and shell elements 

As WTC7 and other large structures have columns which strong axis does not coincide with 

any global direction (WTC7 columns 79, 80, 81, etc.), the transform vector module of the 

GiD+OpenSees had to be replaced. The newly added “Transform” library parses all defined 

beam-column elements and checks if any of them have rotated sections. If any are found, a 

corresponding transform vector is calculated, assigned to the element, and a transform object 

is added to the OpenSees problem script. The rotated column transform vectors are rotated in-

plane to change the direction of the local z and y axes following the same transform rules 

discussed earlier and shown in Fig. 5.1.  

GiD+OpenSees also has a convention for the orientation of shell elements where the local x 

and y axes are as shown in Fig. 5.1 relative to their global counterparts. This is ensured via the 

order of connectivity of the element nodes but was only ensured within the OpenSees problem 

script and not within the GiD mesh module. Since the GiD shell element orientation in the 

mesh module is based on the choice of the meshing engine, this resulted in the distortion of 

shell-element Gauss point results during post-processing. To fix this issue, a new command 

“fixQuadConnectivity” was added to re-orient all incompatibly oriented shell elements within 

the GiD mesh module.  

Two types of direct thermal loading were added for shell and beam elements: linear thermal 

loading, and temperature history loading. The first definition applies a thermal load over a 

beam or shell element by specifying the top and bottom fibre temperatures resulting in a linear 

gradient through the element cross-section. The second thermal loading type applies a 

temperature history to the element based on experimental or numerical data. The temperature 

history is defined over nine points across the depth of the shell elements, but over 15 points 
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spread over the web and flanges of a fibre-based beam-column element. The 15 temperature 

points, T1 through T15, correspond to the web and flanges of an I-section as shown in Fig. 5.2 

(a). This is a modification from the original OpenSees for Fire convention where the strong 

axis was defined by Jiang et al. (2015) to be bending about the local z-axis. An additional 

thermal load definition was also added to OpenSees to correspond to the WTC7 stiffened 

columns in which temperature is interpolated through the web, flange, and stiffening plates 

over 25 temperature points as shown in Fig. 5.2 (b). In the OpenSees script, only Y1, Z1, Y5, 

and Z5 need to be specified, with the other location data calculated assuming equal distance 

between them. The thermal loading implementation in GiD as well as the implementation of 

the layered and fibre-based sections were designed to interact with one another. Therefore, the 

sectional data is automatically assigned when applying the load without requiring user 

intervention or input.  

 

Fig. 5.2. Temperature points within the OpenSees fibre-based beam-column element (a) I-section, and (b) WTC7 

stiffened column section 

5.2.3. Connectivity definition 

Slabs are offset from floor beams which in combination with the different rates of heating of 

these two components causes significant gradients to develop in the composite floor system. 

In real construction, the connectivity between the slabs and beams is ensured by using shear 

studs. Modelling individual studs or even stud-groups is often a task of a higher level of detail 

than necessary when modelling composite floors as was shown by Huang et al. (Huang et al. 

1999a). It may be entirely satisfactory to idealise the connection between floor slab and beams 
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by using rigid links or equal degree of freedom constraints as done in the previous chapter and 

presented in Jiang et al. (2021), and as illustrated by Wilson (2010). Despite this, modelling 

shear studs and their failure was a key component of the WTC7 modelling work performed by 

the investigation teams, and it may become necessary to represent shear connectivity more 

accurately in the future if idealised assumptions were to fail in producing adequate results 

(Arup 2010; Weidlinger Associates Inc. 2010).  

As rigid link and equal degree of freedom constraints operate on two or more nodes, the original 

GiD+OpenSees interface for creating them was incredibly time-consuming. The “master node” 

had to be defined over a geometric point and given an identification number, and the “slave 

node” was then assigned as a separate condition over another point or line and manually given 

the same identification number as the master node. The same process is used for zero-length 

elements, which are springs that could be used to represent shear studs and their failure. This 

procedure has two major disadvantages: (1) a geometric point must be explicitly created at the 

location of each connection in both the beam-column and slab geometric entities, and (2) the 

potential for user error grows as the number of constraints grows due to the need to manually 

assign the leader-follower relationship. These two disadvantages made the original approach 

for assigning connectivity completely impractical for large models, and therefore a new 

approach for “smart composite beam connectivity” had to be developed as part of this work.  

Smart composite beam connectivity requires the user to only define the type of connectivity 

desired as well as the set of floor beams and slabs that need to be connected. To establish the 

connection, operations are performed before and after mesh generation: 

1. A unique identification number is assigned to each line entity with the “composite 

section slab” condition as shown in Fig. 5.3 (a).  

2. If the user specified that the composite beam is subject to special thermal loading (as 

will be discussed in section 5.5), then a special hidden condition is applied to the 

surfaces constituting the concrete portion of the composite beam. 

3. All lines with the “composite section beam” condition are retrieved, and their 

coordinates are compared to the coordinates of the lines with the “composite section 

slab” to establish connectivity pairs. “Composite section beam” lines are then given the 

same identification number as their paired “composite section slab” partners.  

4. Mesh is generated, and all identification numbers and conditions are inherited by the 

mesh objects. 
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5. Rigid links or equal degree of freedom (DoF) constraints are applied to element nodes 

as shown in Fig. 5.3 (b). Temperature loading is also applied if it was indicated that the 

composite beam is subject to special thermal loading (discussed in section 5.5). 

Establishing the connectivity pairs (step 3) is the most computationally intensive step of the 

smart composite beam connectivity workflow. This is caused by the need to check each line 

for connectivity with all other lines to ensure the right pairs are established. This approach was 

chosen because despite being computationally intensive, it reduces the overall computational 

cost of the system. If step 3 was not performed, then creating the connectivity pairs (step 5) 

would have been an order of magnitude more costly. 

 

Fig. 5.3. ‘Smart’ composite beam connectivity and thermal loading (a) applying “composite section” conditions 

over the geometry, and (b) automatic connectivity and thermal loading over the mesh 

As implied in Fig. 5.3 (b), smart composite beam connectivity requires that the paired beam 

and shell elements have the same element size so that the nodes would coincide. This is not 

always possible as shell and beam elements are meshed independently, which may result in 

incompatibility between the meshes arising in more complex structures. To remedy this issue, 

a “connectivity condition debug” is applied to unpaired nodes, and the newly added 

MeshRepair library is called upon the mesh. The “connectivity condition debug” identifies the 

type of connectivity error as (a) leader without a follower, (b) follower without a leader, or (c) 

identical leader and follower. Identifying the problems in this way allows for a significantly 

smoother model-building process by highlighting potential errors before the analysis is run, 

thus offering significant time savings and improving the robustness of the model built. The 

MeshRepair library is called after meshing, surveys all paired composite beam shell elements, 

and then assigns compatible mesh divisions to all paired beam geometric entities. Running the 

mesh engine once more then corrects all detected mesh incompatibilities.  
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5.2.4. Post-processing  

The GiD results database contains all output results and is used in conjunction with the mesh 

database to post-process analysis results. Any data processing such as calculating principal 

stresses and strains needs to be performed before the results are arranged into the output 

database. The GiD+OpenSees interface includes the OpenSeesPost tool which converts all of 

the OpenSees output files into the correct results database format. This tool builds the database 

based on the availability of the output files and predefined formatting. A new library titled 

PProcess was added to GiD to extend its post-processing functionality for structures in fire. 

Through this library, it is possible to post-process heat transfer results for beam-column 

elements, calculate Von Mises stresses, and display cracking damage using the concrete 

damage indices discussed in Chapter 4. The OpenSeesPost tool was also extended to consider 

the stress, strain, temperature, and thermal elongation in steel rebars using the rebar mesh 

modelling approach. As discussed in Chapter 4, these quantities are essential for assessing the 

state of composite floor systems and the ability to view them holistically makes large scale 

analyses of structures in fire more valuable.  

5.2.5. Dynamic analysis   

Dynamics analysis may prove important for large scale simulation of structures in fire, and 

especially so when considering collapse. Most analyses run by the WTC7 investigation teams 

were indeed explicit dynamic simulations (Arup 2009; McAllister et al. 2012; Weidlinger 

Associates Inc. 2010). While not of major importance in static analysis, mass is crucial for 

dynamic studies. Correct masses are easily assigned to beam-column elements because they 

take mass length-density as an argument and calculate their nodal masses based on it. 

Unfortunately, mass assignment is more complicated for the presented OpenSees shell 

elements where nodal masses need to be defined by the user. As the developments introduced 

so far allow for complicated and distorted meshes, mass allocation is particularly difficult to 

do manually.  

The Dynamics library introduced in this work solves this issue by automatically calculating the 

nodal masses for all shell elements and assigning them within the problem script. The 

AutoMass function is called after mesh generation and goes through all shell elements within 

the mesh recording their nodal numbers and coordinates. For a given shell element, the area 

corresponding to each node is calculated automatically. This calculation is performed by taking 

the second norm of the cross product of half the direction vectors between the node and those 

adjacent to it. The area corresponding to each node is then multiplied by the element mass 
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density, a user-defined mass factor, and the element thickness which is retrieved from the 

section “material” object associated with the element. The mass factor is introduced in the 

general data section of GiD and is used to enable the user to utilise mass scaling to stabilise the 

analysis. The mass for a given node is thus computed by each element connected to it, and the 

results are added being applied to the node as a single nodal mass in the OpenSees problem 

script.   

Time scaling is another important technique for dynamic analysis and is particularly useful for 

quasi-static analyses which are often used in structural fire problems where inertial forces 

remain small. The Dynamics library includes the function FactorFireTime which allows the 

user to control the time column in all thermal history files applied to the OpenSees model. This 

includes the thermal histories retrieved from the HT analysis performed by the integrated 

simulation environment. 

5.3. Heat transfer in OpenSees 

5.3.1. The OpenSees heat transfer module 

In addition to the thermomechanical solver, OpenSees was extended with a heat transfer 

module at an earlier stage of the OpenFire project (Jiang 2012). The OpenSees HT module uses 

similar abstractions to the rest of the programme but differs in that the user is not allowed to 

create nodes and elements and is required instead to create “heat transfer entities” and associate 

them with “mesh” objects. An HT entity is simply a predefined shape such as a block, or an I-

section, and a mesh object tells OpenSees how to mesh the entity it is associated with. 

Unfortunately, the predefined meshing rules for I-sections and other more sophisticated entities 

are complex and poorly documented which made consistently getting nodal output difficult. 

The “block” is the simplest HT entity available, and as shown in the next section is used in lieu 

of other predefined entities to create all necessary heat transfer models for the sections of 

WTC7 and other large structures.  

Four types of boundary conditions are available for use in the OpenSees HT module: equal 

DoF, convective, conductive, and convective and conductive boundary conditions. The first 

boundary condition ensures that the temperatures at two or more node sets are equal. The other 

three conditions are all heat-flux boundary conditions used to simulate the heating and cooling 

of the surfaces of the HT entities. Despite being heat flux boundary conditions, either heat 

fluxes or temperatures can be assigned to them. If a temperature or temperature history is 
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assigned, then a corresponding heat flux is calculated by OpenSees before enforcing the 

boundary condition. The calculation of the heat flux follows the quintessential HT equations: 

 �̇�𝑐𝑜𝑛
” = ℎ(𝑇𝑔 − 𝑇𝑠) (1) 

 �̇�𝑟𝑎𝑑
” = 𝜀𝑠𝜎(𝑇𝑔

4 − 𝑇𝑠
4) (2) 

Where �̇�𝑐𝑜𝑛
”  and �̇�𝑟𝑎𝑑

”  are the convection and radiation heat flux boundary conditions 

respectively, h the convective heat transfer coefficient, and 𝜀𝑠𝜎 is the multiple of the surface 

emissivity and Stephen Boltzman coefficient. The gas temperature Tg and the surface 

temperature Ts are used for calculating the thermal gradient along the surface. While these 

equations are basic, they implicitly must include assumptions about the answers to the 

following questions:  

1. How is the convective heat transfer coefficient calculated?  

2. What is the emissivity of a surface in fire given changing exposure conditions? 

3. Why is the gas temperature used instead of radiation temperatures Trad or adiabatic 

surface temperature TAST as is common in literature? 

The value for the convective heat transfer is different for different parts of a structural section 

and along its length, and changes depending on the flow characteristics of the hot gases. In this 

work, a lumped average value for the convective coefficient is considered for the entire section 

and is independent of time thus simplifying the problem and streamlining the workflow. 

OpenSees also allows for a changing convective coefficient which may be retrieved from CFD 

calculations and included with the temperature history, but this approach is outside the scope 

of the current work. Similarly, emissivity is assumed to be a predetermined constant that is 

explicitly declared within the OpenSees HT problem script.  

The use of the gas temperature as a boundary condition in place of a more accurate radiation 

temperature was also a choice made for simplicity. Using a correct radiation temperature would 

involve additional calculations that are more suitable for separate work such as Jowsey (2006). 

Adiabatic surface temperatures on the other hand may not be the best choice as their calculation 

is highly dependent on the size of the boundary layer which most CFD programmes are not 

able to capture accurately due to restrictions of the mesh size. Regardless, OpenSees would 

readily accept any of these boundary conditions and treat them simply using Eq. (1) and Eq. 

(2). As Eq. (2) is to the fourth-order in temperatures, it may result in amplifying any errors 
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introduced by gas temperatures. It is possible to overcome this problem by representing the 

radiative heat flux as an equivalent convective heat flux: 

 �̇�𝑟𝑎𝑑
” = 𝜀𝑠𝜎(𝑇𝑔

2 − 𝑇𝑠
2)(𝑇𝑔
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2) 
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Where the radiation-equivalent convective coefficient ℎ𝑟𝑎𝑑 = 𝜀𝑠𝜎(𝑇𝑔 + 𝑇𝑠)(𝑇𝑔
2 + 𝑇𝑠

2). With 

Eq. (2) represented in the convective form given in Eq. (3), the total heat flux can be estimated 

using only convective boundary conditions of the form: 

 �̇�𝑡𝑜𝑡
” = ℎ𝑟𝑎𝑑(𝑇𝑔 − 𝑇𝑠) + ℎ(𝑇𝑔 − 𝑇𝑠) = ℎ𝑡𝑜𝑡(𝑇𝑔 − 𝑇𝑠) (4) 

Despite being a function of the true convective coefficient as well as gas and surface 

temperatures, the total heat transfer coefficient ℎ𝑡𝑜𝑡 can be treated as a variable determined by 

the analyst allowing for sensitivity analysis and thus increasing the overall quality of the heat 

transfer analysis.  This can be done by simply specifying only convective boundary conditions 

and substituting htot for the convective coefficient. 

5.3.2. Predefined built-up heat transfer models  

To facilitate running the large number of heat transfer analyses required for large structures it 

is necessary to automate the HT model-building process. This is feasible for most large-scale 

simulations because the required HT model is often two dimensional as conduction through 

the element length is of a much less significant effect than convection and radiation at its 

perimeter (Jiang et al. 2018). By treating the HT problem as two-dimensional, predefined 

sections could be established with only a few defining parameters. For the study of WTC7, for 

example, four primary types of HT sections were needed: composite beam sections for the fire 

exposed floors, regular and stiffened I-sections for the columns, and sections to represent the 

fire-exposed slabs. As WTC7 members were mostly fire protected, insulated variants of each 

of these sections were also needed as shown in Fig. 5.4.   
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Fig. 5.4. Section types available for automatic heat transfer analysis 

The predefined sections in Fig. 5.4 were all built using the simple HT block entity and can be 

created using an “HT parametric script” that is included in the integrated simulation 

environment. The unprotected I-section, for example, was built using seven block entities as 

shown in Fig. 5.5 (a). The entities were numbered and positioned as shown in the figure, with 

equal DoF constraints connecting adjacent faces. Heat flux boundary conditions were assigned 

to the outer surfaces. The protected variants of the sections used the block entity-map shown 

in Fig. 5.5 (b), where additional insulation block entities are superimposed upon the surfaces 

of the steel section. To maintain a uniform mesh across the different faces without creating 

complexities that make result extraction difficult, the following approximations had to be made 

with the arrangement of the protection layers as shown in Fig 5.5. (b): (1) Heat flux is always 

unidirectional and acts only at one face of the thermal protection, (2) there is an intersection of 

the protection layers at the interface of the web and flanges, and (3) the corners of the protection 

are missing at the flanges. While these approximations simplify the heat transfer mesh 

significantly and facilitate thermal field extraction, particularly for the more complex models 

such as the stiffened and protected I-section, they do not reduce the quality of the results as 

will be shown in section 5.3.3. Any of the sections shown in Fig. 5.4 can be created by 

specifying a set of key parameters such as section type, dimensions, thermal exposure, and 

convective coefficients. To run an HT analysis, all is needed is to pass these arguments to the 

OpenSees HT parametric script and provide the necessary temperature files for the boundary 

conditions. These temperature files are not needed if the exposure is to a standardized fire curve, 

in which case OpenSees provides all necessary data for the analysis. Output data is 
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automatically arranged according to the OpenSees thermal load format discussed in section 

5.2.2 and is placed within a “thermal_load” subdirectory. A log file to check analysis 

performance or inspect for simulation errors is also generated and placed within a “log” 

subdirectory.   

Fig. 5.5. Boundary conditions and entity map (a) I-section, and (b) protected I-section 

5.3.3. Material properties for thermal insulation 

The temperature-dependent properties of concrete and steel materials used in the OpenSees HT 

parametric script follow the recommendations of the relevant Eurocodes such as the EN1993 

for steel properties and EN1992 for the properties of normal weight concrete  (BSi 2004, 2005). 

Unlike concrete and steel, it is more difficult to establish temperature-dependent thermal 

properties for insulation materials. As explained in Kodur and Shakya (2013), commercially 

available insulation material properties are often proprietary, and their temperature-dependent 

parameters are seldom known. To address this issue, Kodur and Shakya (2013) experimentally 

tested the thermal properties of three spray-applied fire-resistive materials (SFRM), two of 

which are commonly used in the industry and the last of which has been gaining popularity 

recently. All the tested SFRM variants (CAFCO-300, Carboline Type-5MD, and Tyfo WRAFP) 

were gypsum-based and exhibited significantly different thermal properties that are highly 

sensitive to temperature, particularly in the 200 °C – 700 °C temperature range. The most 

important thermal properties for heat transfer in OpenSees, namely thermal capacity and 

conductivity, were adopted from Kodur and Shakya (2013) and the implemented expressions 

dictating their elevated temperature properties are given in Table 5.1. Here it is important to 
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highlight that the original expression developed by Kodur and Shakya (2013) for the CAFCO-

300 thermal capacity suffered from discontinuity across its limits since it is based on empirical 

data. To facilitate computational analysis in OpenSees, these discontinuities were smoothed, 

and the thermal capacity relationship implemented in OpenSees takes the modified form shown 

in Table 5.1. In addition to the thermal properties from Kodur and Shakya (2013), the material 

properties from Li et al. (2020) for another variant of the Carboline SFRM are also adopted 

into OpenSees and shown in the table. Unlike the temperature-dependent relationships for 

thermal capacity from Kodur and Shakya (2013), the relationship for the Carboline variant used 

in Choe et al.  (2019) and Li et al. (2020) is assumed to not vary with temperature.  

While these insulation materials are needed for analysis of other large-scale structures, the 

SFRM used in WTC7 was “Monokote MK-5”. This now-discontinued material was also used 

for WTC1 and 2, and therefore its thermal properties were studied and presented by NIST 

(NIST 2005). The implementation of this material was included in OpenSees and is presented 

in the table. The experimental properties for Monokote MK-5 are shown in Fig. 5.6. alongside 

their OpenSees implementation. 

Table 5.1. Thermal properties used for different types of insulation material in OpenSees 

 Thermal conductivity (W/m.K) Thermal capacity (J/kg.K) 

CAFCO-300 𝑘𝑡 = {
0.0778 − 0.000054𝑇 20 < 𝑇 < 300
−0.08 + 0.000469𝑇 300 < 𝑇 ≤ 700

 ∗ 𝑐𝑝 = {

3236 + 5.295𝑇 20 ≤ 𝑇 < 200
7089 − 13.97𝑇 200 ≤ 𝑇 < 400
1645 − 0.36𝑇 400 ≤ 𝑇 < 700

1393 700 ≤ 𝑇 < 1200

 

Carboline 

Type-5MD 

𝑘𝑡 = {
0.121 − 0.000319𝑇 20 < 𝑇 < 200
0.0468 + 0.00005𝑇 200 < 𝑇 ≤ 700

 𝑐𝑝 = {
1627 + 22.3𝑇 20 < 𝑇 ≤ 100
4446 − 5.05𝑇 100 < 𝑇 ≤ 400
−1336 + 9.37𝑇 400 < 𝑇 ≤ 700

 

Tyfo WR-

AFP 

𝑘𝑡 = {
0.207 − 0.000318𝑇 20 < 𝑇 < 200
0.147 − 0.000035𝑇 200 < 𝑇 ≤ 400
0.0054 + 0.000321𝑇 400 < 𝑇 ≤ 700

 𝑐𝑝 = {

643 + 1.93𝑇 20 < 𝑇 ≤ 200
1241 − 0.924𝑇 200 < 𝑇 ≤ 400
195 + 1.71𝑇 400 < 𝑇 ≤ 600
1826 − 1.08𝑇 600 < 𝑇 ≤ 700

 

Carboline, 

(Li et al. 

2021) 

𝑘𝑡 = {
0.11 − 0.00028𝑇 20 < 𝑇 ≤ 750
    0.32                    750 < 𝑇 ≤ 1200

 𝑐𝑝 = 1111 

Monokote 

MK-5 

𝑘𝑡 =

{
  
 

  
 

0.094                            20 < 𝑇 ≤ 50
0.0628 + 0.000624𝑇 50 < 𝑇 ≤ 100
0.1585 − 0.000333𝑇   100 < 𝑇 ≤ 200
0.0329 + 0.000295𝑇   200 < 𝑇 ≤ 300
0.0805 + 0.0001362𝑇 300 < 𝑇 ≤ 800
−0.0997 + 0.0003615𝑇 800 < 𝑇 ≤ 1000
0.2618                              1000 < 𝑇 ≤ 1200

 𝑐𝑝 =

{
 
 

 
 

806.9 + 1.365𝑇 20 < 𝑇 ≤ 100
18171 + 191.14𝑇 100 < 𝑇 ≤ 140
25817 − 123.06𝑇 140 < 𝑇 ≤ 200
1107.8 + 0.488𝑇 200 < 𝑇 ≤ 600
1220.8 + 0.3𝑇 600 < 𝑇 ≤ 1000
1520.8            1000 < 𝑇 ≤ 1200

 

*modified expression for continuity  

It is noticeable upon inspecting Fig. 5.6 (b) that the numerical implementation includes a spike 

in heat capacity at the 140 °C mark that does not appear in the presented experimental data. 

NIST had sent samples of the fire protection to be tested at two different laboratories: “Lab A” 
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and “Lab B”. The presented experimental data is the data from “Lab A”, which according to 

NIST presented reliable data but due to the indirect measurement method was unable to detect 

peaks in specific heat associated with chemical reaction or phase change. The peak in Fig. 5.6 

(b) was depicted in the results from “Lab B” which used a differential scanning calorimeter to 

measure the heat capacity. However, as the “Lab B” results were unreliable beyond 350 °C, 

they were not used other than for defining the energy of the phase change reactions.  

 

Fig. 5.6. Experimental and linearized properties for Monokote MK-5 (a) conductivity, and (b) specific heat 

capacity 

5.3.4. Validation of heat transfer results 

The insulation materials added as well as the parametric script introduced in section 5.3.2 are 

validated in this section against experimental, numerical, and analytical estimates for the 

temperature of a composite beam tested by Choe et al. (2019) and analysed by Li et al. (2021). 

The Choe et al. experiment looked at the thermal response of four 12.8 m long composite beam 

assemblies each of which consisted of a W18×35 steel beam supporting a 1.8 m wide composite 

slab. The composite slab was 159 mm deep, cast from lightweight concrete with a compressive 

strength of 45.4 MPa, and connected to the beam using 19 mm shear studs at 305 mm intervals. 

The steel beam was coated with a 19 mm layer of Carboline SFRM with properties as reported 

in Table 5.1, and no additional fire protection was applied to the bottom of the concrete 

composite slab. The assembly was subjected to a test fire with a heat release rate of about 4000 

kW sustained for a total time between about 60 and 90 minutes. The experimental gas 

temperatures, as well as the temperatures within the web and top flange of the steel beam, are 

plotted in Fig. 5.7 (a) and (b) respectively.  
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The Eurocode lumped temperature iterative method (BSi 2002, 2005) was used to provide a 

baseline prediction for the temperatures of the steel beam assuming heating from three sides 

and ignoring the heat-sink effect of the slab. A convective heat transfer coefficient of 25 

W/m2K was used alongside a 5-second timestep to produce the average section temperatures 

shown in Fig. 5.7 (a). The heat capacity of the insulation was neglected, and its surface was 

assumed to be equal to the gas temperature. As expected, the baseline predicted by the lumped 

temperature approach exceeded the experimental values as well as all presented numerical 

predictions. The numerical model by Li et al. (2021) used 3D thermal solid elements to 

explicitly model the SFRM, steel beam, concrete slab, and shear studs. The steel decking was 

modelled using shell elements, and the analysis results are also shown in Fig. 5.7. The 

OpenSees model used the parametric HT script described in section 5.3.2 with a composite-

beam section. Normal weight concrete properties were used for the slab, however, as OpenSees 

does not currently have a lightweight concrete material model for HT. Convection and radiation 

boundary conditions were applied using the experimental gas temperatures and the results are 

plotted in Fig. 5.7.  

 

Fig. 5.7. Heat transfer results and comparison with results from (Li et al. 2021) for (a) web and (b) top flange 

The simple 2D analysis performed by the parametric OpenSees HT script agreed very well 

with the Li et al. (2021) model but overestimated the temperature in both web and top flange 

by 140 °C and 160 °C respectively. This is likely a function of the material properties of the 

thermal insulation which were implemented based on the limited information provided in Li et 

al. (2021). Despite the small variations noted, the OpenSees parametric HT script captures the 
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overall trend very well and its validity for analysing the kind of HT problems relevant to large 

scale simulations is established.  

5.3.5. Parallel heat transfer analyses using the OSPCR 

Each HT analysis run using the parametric HT script is computationally inexpensive because 

the boundary conditions and through-section conduction are simple. Dimensionally-reduced 

HT requires multiple 2D HT analyses across the length of a structural member to acceptably 

approximate 3D HT analysis (Jiang et al. 2018). In large-scale simulation, the number of 

required HT analyses thus rises proportionally with the size of the problem as well as with the 

complexity of the thermal exposure. A travelling fire simulated using CFD tools would require 

a significantly higher number of HT analyses than a post-flashover compartment fire, for 

example. As the number of required HT analyses required increases, so does the total 

computational cost for the problem and the potential for a bottleneck in the simulation 

framework. It is therefore necessary to perform the HT analyses efficiently by making better 

use of the available computational resources.  

Most modern computers available to researchers, and even consumer electronics such as 

mobile phones, come with multi-core processors: processors that have multiple physical 

computing units on the same chip. The machine that is used for this work, for example, utilises 

a 3.00 GHz processor with eight physical cores each connected with an exclusive ‘thread’ for 

passing instructions. By allowing cores to communicate with each other it is possible to 

interactively tackle a large set of problems with each core taking on a new problem after it 

completes its current task. To do this for the current problem, a programme based on the 

manager-worker paradigm for multiprocessing was written in C++. This programme is called 

the OpenSees Parametric Case Runner (OSPCR). The OSPCR is added to the GiD+OpenSees 

interface and is assigned to perform HT over four processors by default. The programme 

handles multi-processing by passing messages containing instruction sets between processors 

using the Microsoft Message Passing Interface (MS-MPI). Figs. 5.8 (a) through (d) explain 

how the programme works: 

 a) When HT is called from within the GiD+OpenSees interface, a processor designated with 

an ID of 0 is set as the “manager” and is given a GiD-generated HT data file. This file contains 

all the parameters necessary for each HT analysis required for the current simulation. The 

manager parses this file and separates it into a list of individual commands each of which 

constitutes the parameters for a single HT analysis.  
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(b) The manager sends a single command to each processor dedicated to the HT task except 

itself. Each of these processors, which are known as the ‘workers’, starts an instance of 

OpenSees and executes the HT problem that was assigned to it by passing the parameters to 

the OpenSees parametric HT script.  

(c) When any of the processors completes the HT analysis it was assigned, it notifies the 

manager that it is now free and available to perform another task. The manager in response 

assigns that worker another HT problem to solve. The results of the completed analysis are 

saved within the GiD project directory, and a log file is also generated containing information 

about the success or failure of the analysis as discussed in section 5.3.2.  

(d) Upon completion of all HT tasks, the manager “retires” the workers and then proceeds to 

inspect all generated log files. Based on the information in the log files, the manager writes a 

report file containing the identification number of each HT transfer problem and whether this 

problem was analysed successfully or not. If the problem failed to be analysed, the manager 

indicates in the report file whether this failure occurred due to divergence of the numerical 

solution procedure or because of other issues such as incorrect data passed to the HT script. 

 

 

Fig. 5.8. Manager-worker paradigm for heat transfer (a) manager breaks problem database into individual 

command lines, (b) manager distributes work to workers, (c) once a worker completes a task and produces an 

output it asks for a new job from the manager, and (d) once all jobs are done, workers are retired and manager 

checks log files and generates a status report for the analyses 

Technically, each available core is capable of running OpenSees and performing an 

independent HT analysis. However, the communication between the different cores and the 

effort required to read and write to the computer memory introduce additional and increasing 
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overhead with each HT analysis. In addition, modern personal-computer operating systems 

directly manage most processor operations and handles resource allocation. The priority for 

these systems is keeping user interfaces interactive, which takes priority over performing user-

assigned computational tasks. Due to these reasons, it is impractical to perform n HT analyses 

on a computer with n processing cores because the introduced overhead would result in 

worsening performance as the number of busy cores approaches the number of available cores. 

The optimal number of simultaneous HT analyses is different for different machines and may 

even differ between commercially identical machines due to the variation in hardware 

performance inherent to the manufacturing process. For the computer used during this work, it 

was found that dedicating four cores (one manager and three workers) to the HT analyses 

achieves a good utilisation rate of the hardware and a speed-up rate of roughly two and a half 

times. Therefore, the default number of processors for the parallel analyses was set to four as 

mentioned above.  

5.4. Thermal load 

5.4.1. Thermocouples  

The typical thermal load types used in OpenSees were discussed in section 5.2.2 and 

constituted direct application of pre-defined thermal fields to the model elements. This is a 

perfectly valid method for thermal loading of models of small and potentially medium-scale 

experiments, but it is impractical in large scale simulations where the number of thermally 

loaded members is in the thousands. Moreover, even in medium-scale compartment fire 

experiments such as the Cardington corner compartment test, the thermal load may not be 

straightforward to apply. In the test compartment, the gas temperatures, and therefore member 

temperatures, may vary due to the localised heat sink effect of structural and non-structural 

components. This necessitates that thermal load is manually separated and applied carefully to 

represent the effects of the observed thermal exposure. This is not always possible due to lack 

of measurement data, or because in case studies such as WTC7 this data may not exist. 

“Thermocouples” are a new type of thermal load included in the GiD+OpenSees interface as a 

part of the “Fire” library. There are two types of this load: “Gas Temperatures” and “Composite 

Section Beam/Slab”. Thermocouples take gas temperatures or idealised temperature-time 

curves as input, create the parameters required by the parametric HT script, and generate an 

HT data file. The OSPCR is then called to perform the HT on all thermocouple data and 

generate the necessary thermal profile files. After that, the thermocouples automatically apply 
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the results of the HT analyses to the corresponding mesh elements for the thermomechanical 

analysis in OpenSees.  

The gas temperatures thermocouple is applicable to either lines or surfaces and is translated to 

beam-column and shell elements, respectively. Before meshing, an identification number is 

assigned to each thermocouple condition by calling the AssignConditionIds function from the 

fire library. After meshing, thermocouples are inherited by the mesh elements and copy that 

identification number. In addition, a new hidden thermocouple is applied to the element 

roughly in the middle of the parent geometric entity as shown in Fig. 5.9. This “Gas 

Temperatures Central” thermocouple is responsible for acquiring section data and creating an 

HT model of the I-section, stiffened I-section, or slab type. All other mesh elements with the 

same gas temperatures thermocouple identification number are then loaded with the HT results 

from the central thermocouple.  The Composite Section thermocouples operate similarly but 

are responsible for creating composite beam-type HT sections. As explained in section 5.2.3, 

the composite beam thermocouples apply thermal load to both the shell and beam-column 

elements of the linked composite beam section using the smart composite beam connectivity. 

The temperature of the shell elements atop the composite beams is lower than the temperature 

obtained from gas temperature thermocouples because they correspond to the temperature in 

the slab just above the steel beam, and include its shielding effect. This method of defining the 

thermal load for composite beams allows for a better representation of the thermal gradient 

between the slab and steel beam of composite sections.     

 

Fig. 5.9. The thermocouple condition applied to geometry and translated to mesh 
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5.4.2. FDS-generated data  

Another function of the thermocouples added to GiD+OpenSees is to enable efficient mapping 

between FE and CFD models. Fire Dynamics Simulator (FDS) is often the tool of choice in the 

fire research community. As fire is a turbulent flow problem, FDS utilises the large eddy 

simulation approach to analyse it. This approach, however, results in mesh sensitivity as only 

eddies larger than the cell size can be numerically represented – eddies smaller than that are 

modelled only approximately (Merci and Beji 2016). To overcome this shortcoming, mesh 

studies are required. It must be emphasized that CFD problems, and FDS problems in particular, 

deal with highly turbulent fluid, large amounts of energy, and complex combustion phenomena. 

When combined, the problems they form belong to the realm of complex systems that are 

highly sensitive not only to mesh and initial conditions but also to the many layers of 

simplification necessary to perform analyses at a reasonable cost. It is, therefore, essential to 

remember that FDS simulations will always introduce a degree of uncertainty to the structural-

fire problem, and so would any assumed fire scenario. Despite this, FDS simulation results 

often are the best-in-class solution to the thermal boundary of a structural-fire problem, and for 

this reason, the thermocouples discussed in the last section were designed to seamlessly couple 

with FDS.   

FDS uses “devices” to extract results. Constructing a device requires four key pieces of 

information: a device identification number, a quantity to be extracted (gas temperature, 

adiabatic surface temperature, or heat flux), a location, and a thermocouple orientation if either 

adiabatic surface temperature or heat flux is extracted. The GiD thermocouples use their unique 

identification number as the device ID, and the location of the central element discussed in 

section 5.4.1 to provide the device coordinates. For gas temperatures, which are the 

recommended output in this work, that is all the necessary information. If heat flux, adiabatic 

surface temperature, or convective coefficient is required then device orientation would also 

be needed. However, that is currently not part of the integrated simulation environment. 

Because of the reasons given in section 5.3.1, extracting information other than gas 

temperatures is not currently a priority but may be added to the interface in the future.  

5.5. Integrated framework 

The integrated simulation environment workflow begins with a simple, but essential 3D CAD 

model. A CAD model is an integral part of the engineering design process and the low-level 

information needed from it for the workflow mean that it needs not to be custom-built for the 
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structural fire analysis. Indeed, the necessary CAD model would correspond to a lower BIM 

integration level than that currently required in places such as the UK (Khosrowshahi and 

Arayici 2012). As shown in Fig. 5.10, the geometric details of the CAD model (Revit model in 

this case) are used to create a geometric model in both GiD and FDS. The rest of the FE model 

building is performed using the developed GiD+OpenSees and the thermal loading is applied 

using the thermocouples discussed in section 5.4.1. The data of the thermocouples is exported 

in FDS device format from GiD using the GenerateThermoCouples command from the Fire 

library and added to the GiD menu as indicated by (1) in the figure. FDS receives the 

thermocouples from OpenSees, and the fire simulation may then begin. FDS2OpenSees is used 

to extract the gas temperatures from the FDS output database (Alikhan 2021), and the 2D 

section data for heat transfer is written from within GiD using the “create heat transfer data” 

menu option (2). With all HT data and gas temperatures available, the user runs the HT analysis 

from GiD by choosing item (3) in Fig. 5.10. This calls the built-in OSPCR to operate on the 

available data.  After the HT analyses are completed, an OpenSees problem script is generated, 

analysed using the OpenSees engine, and post-processed using the GiD+OpenSees post-

processor.   

  

Fig. 5.10. Workflow for the integrated simulation environment incorporating fire simulation, heat transfer, and 

structural analysis 

5.6. Testing the framework 

5.6.1. Cardington large compartment test 

The Cardington large compartment test was the largest test performed during the Cardington 

series of tests, and it involved over 340 m2 of the area of a single floor. This experiment was 

chosen as a demonstration case for the current work because (a) Cardington represents a 

realistic form of construction used for tall and composite buildings, and (b) it is a large-scale 

test thus posing significant practical constraints to the classical simulation workflow. The goal 
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of this demonstration is to showcase the efficiency of the presented simulation environment in 

handling large models, not to investigate the real behaviour of the test as has been done by 

researchers in the past (Huang et al. 1999b; Moss and Clifton 2004). This test will serve as a 

stepping-stone for the more complex case study of WTC7.  

The first step towards this goal was to create a 3D Revit model as presented in Fig. 5.11 (a).  

Fig. 5.11 (b). shows the gridlines and dimensions of the test which will be used for reference 

throughout this section. The level of detail required for the Revit model is low, with only the 

beams, columns, and openings needed. This information was imported into GiD as a DXF file 

that formed the global geometric layout of the problem. One whole floor with columns for one 

floor above and below, as shown in Fig. 5.11 (a), were modelled. An FDS model was also built 

using the geometric information from the Revit model as will be discussed in the next section.   

 

Fig. 5.11. Revit model for the Cardington building (a) 3D view, and (b) plan view 

In Chapter 4, the ribs of the Cardington slab were represented using beam-column elements 

tied to the slabs with beam-type rigid links. While that approach had shown its validity, it 

remains cumbersome, even with the integrated simulation environment, and introduces a very 

large number of rigid constraints that need to be enforced. This increases the computational 

cost and the probability that numerical errors may affect the analysis especially at high 

temperatures when thermal degradation leads to significant loss of stiffness. In this 

demonstration another approach is taken to simulate the orthotropy of the floor slab: ‘thin’ and 

‘thick’ layered shell sections are stacked side-by-side to represent the ribs and flat portion of 

the slab as shown in Fig. 5.12. To facilitate this approach, ribs are aggregated together to reduce 

their overall number while maintaining the global orthotropy of the floor. A better approach 

would have been to utilise a purpose-built finite element for composite slabs such as those 

developed by Izzuddin et al. (2004) and Yu and Huang (2008). However, as of now, OpenSees 
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does not include such elements and so the current approach will suffice for this demonstration 

case.  

 

Fig. 5.12. Distribution of rib and flat sections for the slab 

Smart composite beam connectivity was used to link the floor slab with the steel framing, and 

composite beam thermocouples were assigned to the composite beams. This required that the 

geometry of the floor model explicitly divided the slab into surfaces that will act as the top 

concrete flange of composite beams and surfaces that will represent the composite slab as 

shown in Fig. 5.13 (a). Thermocouples were assigned to each geometric object in the demarked 

region of the figure. The resolution of the geometric divisions in the region where FDS results 

would be imported and HT analyses carried out directly corresponds to the resolution of the 

FDS thermal load applied. If more detailed FDS thermal data is needed then the user needs to 

simply divide the geometric entities more finely. The thermal loading and connectivity were 

automatically transferred to the mesh in Fig. 5.13 (b) without problems. The mesh used was 

relatively fine with element length set to 0.3 m, resulting in at least nine elements representing 

each slab thermocouple, and six elements representing each composite beam ‘top flange’ at 

each thermocouple location as shown in Fig. 5.13 (b). The fine mesh used here was chosen to 

allow the distribution of concrete damage to spread in a more natural manner reducing the 

mesh-dependency reported for distributed cracking methods (Yu and Huang 2008). In total, 

there were 996 thermocouples and over 11,000 nodes, 7,200 shell elements, and 3,600 beam-

column elements. 
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Fig. 5.13. GiD model (a) geometry and thermocouples distribution, and (b) mesh 

5.6.2. FDS simulation 

The FDS simulation of the fire assumed wood crib fuel load equivalent to about 48 kg/m2 and 

was performed as part of another PhD project adjacent to this research. Despite the widespread 

use of wood cribs in fire experiments and their apparent simplicity, their modelling remains a 

difficult task due to the highly complex chemical kinetics involved and the scale of individual 

burning timber pieces. High-fidelity simulations may require a cell size of the order of 0.05 m, 

which for the scale of this simulation, would result in a mesh with about twelve million cells. 

A mesh study was conducted and cell sizes of 0.3 m through 0.15 m were tested showing that 

a cell size of about 0.2 m (about 287,500 cells) was suitable for the simplified simulation 

required for this demonstration. Each set of cribs was represented by three 1 m × 1 m × 0.4 m 

blocks stacked with a 0.2 m gap separating them as shown in Fig. 5.14 (a). The fuel was 

assigned an ignition temperature of 320 °C in FDS, and it was all ignited simultaneously in 

FDS by using burners that were turned on for the first two minutes of the analysis. The burn-

away method was used to represent the decay phase where once the mass of fuel in a cell 

volume is burnt out, the entire fuel volume would be deleted from the computational domain 

(McGrattan et al. 2016). The actual ventilation conditions during the test were complicated and 

included open and closed boundaries that made it difficult to simulate the actual fire (Moss and 

Clifton 2004). In this analysis, the north and south facades were assumed to be completely 

open, and the east and west walls completely closed as shown in Fig. 5.14 (b). 
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Fig. 5.14. Fire compartment and computational domain 

Fig. 5.15 showcases the gas temperatures retrieved from FDS for a planar cross-section of the 

compartment at a height of 3 m. The FDS analysis lasted for 150 minutes at which point the 

temperatures returned to ambient and all the fuel was burnt out. At the 15 minutes mark, it is 

shown that the temperatures in the middle of the compartment reached their maximum value 

of about 600 °C. Temperatures dropped significantly closer to the north and south openings as 

air at ambient temperature would flow in and mix with the hot gases resulting in overall cooler 

gas temperatures.  

 

Fig. 5.15. Temperature contours at a height of 3 m from the floor  
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5.6.3. Heat transfer results  

996 HT analyses were performed corresponding to the thermocouples created at each 

geometric entity. The HT results are shown in Fig. 5.16. The spatial distribution of 

temperatures is clear for the bottom of the slab depicted in Fig. 5.16 (a), where the hottest 

region is located around the middle of the compartment as expected.  The use of shell elements 

with different thicknesses to represent the ribs and flats of the composite slab is apparent in the 

figure where the shallower regions reached higher temperatures due to their lower heat capacity. 

Although less clear, the effect of using composite section HT thermocouples is visible by 

observing that atop the steel beams the slab achieves lower temperatures early in the heating 

(15 minutes). In these regions, the slab also maintains high temperatures for longer as clear at 

the 75 minutes mark shown in Fig. 5.16 (a).  This effect also manifests in the temperatures 

achieved at the top of the slab shown in Fig. 5.16 (b) but is overshadowed by the more visible 

effect of the ribbed sections. 

 

Fig. 5.16. Temperature growth (a) in the bottom layer of the slab, and (b) in the top layer of the slab 

The FDS gas temperatures at the middle of the compartment are compared to the average gas 

temperatures recorded as reported by Moss and Clifton (2004) in Fig. 5.17 (a). This comparison 

shows clearly that the FDS results are not in very good agreement with the experimental 

temperatures, with some anomalies particularly standing out: (1) a sharp spike in temperature 

at the beginning of the analysis, (2) uniform temperature at about 600 °C for the first hour, and 

(3) the cooling branch is characterised by stepwise decay. The first anomaly is explainable by 
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the total ignition of all FDS fuel using a burner which caused the initially high temperatures. 

The second anomaly can also be explained by the ignition process used in FDS as all the fuel 

was made to burn simultaneously for the duration of the fire. At the time of the simulation, the 

only information available about the fire during the experiment is that the fuel was all burning 

at some point during the test and so the aforementioned methods were chosen for the simulation. 

The last point regarding the stepwise decay was caused by the burn-away method used for the 

wood cribs. As the fuel is consumed in each FDS fuel block and it is deleted from the simulation 

the overall heat release rate experiences a sudden drop resulting in the jump in temperature 

values shown in Fig. 5.17 (a).  The temperature in the cross-section of a composite beam in the 

middle of the compartment is shown in Fig. 5.17 (b). As expected, the thermal gradient is 

significantly larger in the slab than in the steel beam. Another point of interest is that the 

thermal gradient in the steel beam changes direction with the bottom flange cooling faster than 

the top flange and eventually reaching lower temperatures. This is due to the effect of the slab 

which not only acts as a heat sink resisting temperature change but also protects the top flange 

from exposure to the cooler gases and thus decreasing its cooling rate.  

 

Fig. 5.17. Temperatures in the model (a) FDS gas temperatures in the middle of the compartment and average 

compartment temperature from (Moss and Clifton 2004), and (b) thermal gradient achieved in a composite beam 

subject to FDS gas temperatures 

5.6.4. Thermomechanical analysis results 

Upon studying the deflected shape in Fig. 5.18 it is evident that the unheated part of the 

structure experiences only minor deformations, as expected. The largest deflections occurred 

in the middle of the fire compartment marked as ‘Location 1’ in the figure. ‘Location 2’ was 

also instrumented, and results for its deflection were available from Moss and Clifton (2004). 
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The deflection at these two locations is plotted in Fig. 5.19 (a) and (b). In addition to the test 

data and numerical predictions from the demonstration case, numerical predictions from Moss 

and Clifton (2004) are also shown.  

 

Fig. 5.18. Deflected shape of the model subject to FDS temperatures (×5 magnification factor) 

For completeness, the test temperature-time curve presented in Fig. 5.17 (a) was applied to the 

model using the integrated environment, and results from that analysis are also shown. The 

results from the demonstration case are vastly different from the experimental results. This 

difference is caused by the different heating regimens the test and demonstration case were 

subjected to, which becomes evident when the test temperatures were applied uniformly to the 

heated region. The deflection results approximate the magnitude of the maximum test results 

at location 1 well. The application of uniform temperatures across the entire area also meant 

that location 2 was subjected to the highest temperatures just like location 1, which if the FDS 

results are taken as a general indicator of ‘hot’ and ‘cool’ zones was not the case. These high 

temperatures caused the composite beams in that region to exceed the experimental results 

significantly. The cooler temperatures generated by FDS at location 2 produce a better 

prediction of the maximum deflection, which indicates that this area indeed experienced 

significantly cooler temperatures.   
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Fig. 5.19. Deflections from the experiment, numerical analysis by (Moss and Clifton 2004), and from OpenSees 

for (a) location 1, and (b) location 2 

By tracking the tensile damage variable at the top layer of the concrete, Fig. 5.20 can present a 

visualisation of the potential top layer cracking the structure may exhibit. Amongst the clearest 

indicators of damage observed in composite floors in fire is the early cracking of their 

perimeters at the locations of connection to large girders and columns (Usmani and Cameron 

2004; Vassart and Zhao 2011; Wellman et al. 2011). This phenomenon seems to present as 

early as 1 minute into the thermomechanical analysis where the highest damage is first 

accumulated over the largest composite beam. From there, the damage begins to spread rapidly. 

By the end of the analysis, the top concrete layer is shown to have experienced significant 

cracking throughout the fire compartment, with damage spreading over to the unheated 

structure. This is the reason why the lack of high deflections in the compartments unexposed 

to fire should not be the only consideration for whether to include them in the analysis. These 

adjacent bays may play an important role in applying finite restraint to the structure and may 

experience interesting phenomenon such as extended cracking as shown here and even more 

clearly in the large-scale Jinan experiment presented in Yang et al. (2013). Nevertheless, 

caution must be advised when interpreting the damage parameter results as they can only give 

a general idea of the expected damage pattern at a particular layer. Tracking the coalescence, 

and propagation of through depth cracks, and even discrete surface cracks, requires more 

sophisticated approaches that employ the extended finite element method (Yu and Huang 2008) 

or other advanced implementations and solvers.  
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Fig. 5.20. top layer tensile damage parameter where 1 indicates full damage 

5.7. Conclusion 

This chapter covered the advancements made towards creating an integrated simulation 

environment for large scale simulation of structures in fire.  Starting with the GiD+OpenSees 

interface, section definition, element orientation, and direct application of thermal loads were 

discussed. Following that, the smart composite beam connectivity interface was introduced 

allowing for efficient model-building of composite structures where assigning slab-beam 

connectivity would have otherwise been the most time-consuming aspect. Post-processing 

abilities added to GiD+OpenSees include the representation of cracks based on the damage 

indices of the concrete damage plasticity material discussed in Chapter 4, as well as 

reinforcement bar temperatures, stresses, and strains.  

HT in OpenSees was then introduced with a clear explanation of the boundary conditions used 

and the creation of the parametric HT script that is used within the integrated simulation 

environment to perform all HT calculations based on FDS gas temperatures. Thermal insulation 

material related to WTC7 was also implemented into OpenSees, and it was shown that the 

parametric script is valid by testing its predictions against experimental results.  The OSPCR 

is a tool developed as part of this work to perform multiple heat transfer analyses at the same 

time by utilising the multi-core architecture of modern computing hardware. It is now 

embedded into the GiD+OpenSees interface to automatically parallelise the hundreds or 

thousands of HT simulations necessary for large scale models.  

Thermocouples are a new thermal load abstraction added to GiD+OpenSees. By using these 

thermocouples, it is possible to efficiently map gas temperatures from FDS, carry out heat 

transfer analysis, and then apply the thermal loads to the OpenSees model. This is all facilitated 

by the added GiD+OpenSees menu options, which allow GiD+OpenSees to operate as a 

“command centre” that is used for the entire thermomechanical analysis from model creation 
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through post-processing of results. This was demonstrated by the simulation of the Cardington 

large compartment test which shows that this integrated simulation environment may indeed 

facilitate efficient model-building and analysis of large-scale structures in fire. In the next 

chapter, the integrated simulation environment developed here is used to run a case study on 

WTC7 by trying to assess the response of the building to a hypothetical mechanical room fire. 

As a very large and complex building subject to a unique fire, the WTC7 case study will inform 

the future development of this integrated simulation environment and allow for testing it at the 

scale true structural scale it was developed to tackle.  
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Chapter 6. The Response of WTC7 to a 
Potential Mechanical Room Fire 
6.1. Introduction 

Chapter 2 showcased the collapse of the World Trade Center 7 (WTC7) building and the 

analyses performed by the expert investigators to try and pinpoint the cause of its failure. After 

the investigation, Arup and the National Institute of Standards and Technology (NIST) blamed 

the collapse on a girder connection at column 79, while Weidlinger Associates, Inc (WAI) 

concluded that failure initiated due to a beam-girder connection near column 80. In the chapters 

following that, a review of the behaviour of composite floors was performed and then 

OpenSees for Fire was enhanced to be able to accurately simulate composite floor systems. 

The integrated simulation environment was then developed in Chapter 5 to perform state of the 

art large scale simulation of structures in fire. These developments will be tested in this chapter 

by performing a case study on WTC7 focusing on its response to a potential hydrocarbon fire 

in the mechanical room on the fifth floor. The construction details of the mechanical floors and 

Revit model built for the simulation are first introduced, followed by an in-depth examination 

of Truss 2, its potential collapse mechanism, and an OpenSees analysis of its thermo-

mechanical response. The last part of this chapter introduces an OpenSees model of the eastern 

half of WTC7 floors five through seven. This model is used to assess the response of the 

building to a hydrocarbon fire. This would pave the way for future analysis of WTC7 and 

further development of the integrated simulation environment.  

6.2. WTC7 mechanical floors 

6.2.1. Revit model 

Following the workflow of the integrated simulation environment discussed in Chapter 5, the 

first step in modelling WTC7 is constructing a 3D CAD model of the building. A Revit model 

was built for this purpose and is shown in Fig. 6.1 (a). This Revit model is responsible for 

establishing the basic geometry of the GiD model and any computational fluid dynamics (CFD) 

models. However, only the geometric information can be transferred to GiD and information 

about the cross-sections, fire protection, and the slab cannot currently be migrated from Revit. 

Because of these reasons, the Revit model only uses a few types of sections as seen in the figure 

and is exported to GiD without the floor slabs.  
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Only floors five through seven are necessary for modelling the response of WTC7 to a 

mechanical room fire because the mechanical space was located in the double-height area 

shown in Fig. 6.1 (b) east of the building. Because of the location of the mechanical room and 

because of the observed collapse of WTC7, it was determined that modelling the entire floor 

may not be necessary for understanding the collapse initiation. Despite having the Revit model 

for the entire floor area, only the extents that are marked in Fig. 6.1 (a) were exported to GiD 

as will be discussed later in this chapter.  

  

Fig. 6.1. Revit model of WTC7 (a) framing for floor 5 through 8, and (b) mechanical room floor opening 

6.2.2. The structure of floors 5 through 7 

There are a few distinguishing features of the mechanical floors of WTC7 that are worth noting. 

First of all, the perimeter frame of the building is strengthened with a two-storey high perimeter 

truss on the south and north faces spanning between the fifth and seventh floors, spanning from 

the ground to the seventh floor on the east and west elevations. While wide flange I-sections 

for the bracing were specified on the structural drawings, these details were revised to 

constitute back-to-back wide-flange T-sections in the erection drawings (Frankel Steel Limited 

1985; Office of Irwin G. Cantor 1985). T-sections were used to replace the I-sections to 

facilitate the bracing connections which would have been significantly more complicated if the 

original I-beams were used. The overall weight of the steel bracing members did not change 

significantly because of this revision, with W14×99 sections, for example, being replaced by 

two back-to-back WT7×49.5 sections which have the same overall depth. This does not affect 

the modelling workflow because the I-sections used in the Revit model for the bracing and 

shown in Fig. 6.1. are sent to GiD as lines. The details of the back-to-back WT-sections are 

then abstracted using the fibre cross-section definition. Upon inspection of Chapter 5, the 
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reader may note that there is no heat transfer (HT) or thermal load definition for back-to-back 

T-sections in the current integrated environment. While this is indeed a shortcoming of the 

integrated environment at its current state, it does not hinder the modelling of WTC7 because 

it is unlikely that the perimeter bracing was subject to any significant thermal loading. This is 

because the wind bracing is located on the perimeter of the structure where temperatures are 

expected to be low especially with the absence of visible flames in the proximity of the outside 

perimeter of the mechanical room.  

In addition to the perimeter bracing, core bracing was also used for all cores starting from the 

first and up to the seventh floor. These bracings used either back-to-back channel sections or 

wide-flange I-sections. Some of these bracing elements are visible in Fig. 6.1 (b), and all were 

modelled in Revit and transferred to GiD. Channel section pairs were approximated as I-

sections with the combined dimensions for ease of performing HT and applying thermal action 

if necessary.  

Both perimeter and core columns were exceptionally heavy and carried very large loads from 

the floors above. At the seventh-floor level and in the modelled portion of the structure, the 

structural drawings specify the smallest load of above 4 MN at perimeter column 27, and the 

largest load of 38.6 MN over core column 80. The largest column section was W14×730, which 

has a width equal to 454 mm, depth of 569 mm, and flange and web thicknesses of 124 mm 

and 78 mm respectively. To sustain the large loads applied to them, even a W14×730 section 

was not sufficient and so additional reinforcing plates were used. Column 79, for example, had 

100 mm thick cover plates welded to both its sides creating stiffened box-like column sections. 

Column 80, which was subject to the highest load at the seventh floor, was strengthened with 

200 mm thick, 317.5 mm wide A-588 GR 50 plates welded to both sides of its web essentially 

creating a 0.5 m × 0.6 m solid steel section with a mass over 2000 kg/m. With this 

reinforcement, column 80 had a one-floor safety factor as high as 2.8 to as low as 2.54 

depending on inherent imperfections which are likely to be on the higher side due to the process 

of welding the stiffening plates in place. Assuming the highest imperfection level, column 80 

could unbrace over floors 7 and 6 and still have a safety factor of 1.26. If, however, column 80 

is unbraced at floor 5 as well, its length would be 15.6 m which would cause it to fail with a 

safety factor of 0.87.  

According to NIST, Monokote MK-5 spray-applied fire protection material (SFRM) was 

applied with a thickness of 22 mm to heavy columns, 48 mm to lighter columns, 13 mm to 
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beams, and 10 mm to the bottom of the steel deck of the composite slab (NIST 2008). These 

fire protection parameters were also included in the GiD+OpenSees model as per the workflow 

of the integrated simulation environment discussed in Chapter 5.  

6.2.3. The potential fire 

As per the description given in Chapter 2, it is possible that a downstream leak in the Salomon 

Brothers auxiliary power system may have gone undetected and resulted in a pool fire within 

the mechanical room. A diesel fuel fire in this double-storey high open space may result in gas 

temperatures in excess of 1000 °C after reaching steady-state combustion. Fire dynamics 

simulator (FDS) analysis performed by the BRE Centre for Fire Safety Engineering team had 

shown that such a pool fire would reach steady-state within 5 to 10 minutes (2010). Based on 

this, the models presented in this chapter will utilise the temperatures of the hydrocarbon curve 

to represent a mechanical room fire lasting up to 3 hours. While this is not an exact 

representation of the possible fire, it is a good first approximation for this case study. 

6.3. Truss 2   

6.3.1. Transfer structures within the proximity of the mechanical room 

Four major transfer structures were located on the east side of the mechanical floors starting at 

the fifth floor and terminating at the seventh floor. As shown in Fig. 6.2 (a), these structures 

are:  

1) Built-up girder MG-23: A 2.4 m deep built-up girder located on the seventh floor. 

transfers the load from column 78 coming from the upper floors to column 78A to the 

south, and Truss 2 to the north. Column 78A terminates at the level of the Con. Edison 

substation on floor 1. Partially within the mechanical room. 

2) Built-up girders MG-27: Eight of these girders were located on the seventh floor and 

each was 2.7 m deep at its ‘base’ and about 1.4 m at its ‘tip’. They acted as cantilevers 

whose job was to balance the over-hang loads coming from the north perimeter columns 

and transfer them to their ‘A’ variants just over a meter to the south.  These columns 

are then connected to existing columns on the third floor. None of these members was 

within the mechanical room.  

3) Truss 1: Two-storey deep transfer truss that redistributed the loads coming from column 

76 on the seventh floor to column 73 to the west and columns E3 and E4 to the east. 

The west diagonal member was a W14×665 section while the east diagonal was a 

W14×730 section reinforced with a 25 mm thick steel plate on both sides of its web. 
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Diagonals were oriented so that their flanges pointed in the south-north direction. 

Columns E3 and E4 extended from the seventh floor to existing columns on the third 

floor. Truss 1 was just around the edge of the mechanical room. 

4) Truss 2: Two-storey deep transfer truss that received the upper floor loads from column 

77 and redistributed them to columns 74 and 80 to the west and east respectively. A 1 

m deep built-up girder acted as a tension tie linking columns 74 and 80 on the fifth 

floor. This will be discussed in detail in the coming section. Truss 2 was almost entirely 

within the mechanical room and is likely to have been subjected to very severe heating 

if a mechanical room fire had occurred. 

Fig. 6.2 (b) demonstrates a more realistic view of the transfer structure within the building. 

While it is true that the various transfer structures transferred exceptionally large loads, they 

did so as part of a complex framing plan. The model described in section 6.4 will include these 

framing members to assess their contribution to the thermal restraint and their potential 

contribution in additional load-paths. 

 

Fig. 6.2. Transfer structure between floors 5 and 7 in the east side of WTC7 (a) isolated, and (b) as-built 

6.3.2. Capacity of the members of Truss 2 

Truss 2, which details are shown in Fig. 6.3, was an essential transfer structure in WTC7. It 

transferred the vertical loads from Column 77 to columns 74 and 80. In addition, built-up girder 

MG-23 framed into column 77 from the south as seen in the details for cross-section 9 in Fig. 

6.3. This increased the transfer loads Truss 2 had to carry. 

The structure of the truss was relatively simple with the vertical load transferred from column 

77 to east and west diagonal members which were comprised of heavy W14×730 sections with 
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75 mm thick and 200 mm wide stiffening plates welded on both sides of their web. The 

diagonals were oriented so that their strong bending direction was out-of-plane of the truss, and 

were the primary members for the force transfer as shown in Fig. 6.3. 

 

Fig. 6.3. Truss 2 erection details (Frankel Steel Limited 1985) 

A W14×82 “hanger” also contributed to the vertical load redistribution and was designed for a 

tensile load of 1,778 kN as shown in the figure. It was connected to column 77 with two 9.5 

mm thick plates that were tack-welded to the flanges of the hanger, which is oriented so that 

its strong bending direction is within the plane of the truss. The primary tensile component of 

Truss 2 was a 1 m deep built-up girder with a tensile capacity of approximately 70 MN, which 

is equivalent to a safety factor of 3.5 considering the design load of 20 MN as shown in the 

drawings and Fig. 6.3 (Frankel Steel Limited 1985). The floor beams at the seventh floor may 

have also acted as compressive struts to balance the lateral load generated by the slope of the 

diagonals, and resisted in tensile action by the fifth-floor built-up girder.  

The floor beams on the sixth floor served as lateral restraints to the diagonals but did not 

contribute significantly to the load-carrying capacity of the truss. These beams were relatively 

slender members compared to the rest of the truss with W21×62 and W14×43 sections for the 

west and east members respectively. If the truss were to be heated, it is difficult to predict 

whether these members would be able to continuously provide lateral restraint to the diagonals 

which are carrying tremendous axial loads. Table 6.1 considers the capacity of the diagonal 
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members of Truss 2 and estimates their load/capacity ratio assuming different imperfection 

levels and whether the floor beams on the sixth floor could provide sufficient lateral support.  

The table envelops the potential safety factor by assuming that the diagonals belong to either 

buckling curve a0 or d from the Eurocode  3, which correspond to the lowest and highest 

inherent imperfection classifications respectively  (BSi 2005). The length factor in the table is 

assumed to be 0.85, which corresponds to the assumption of partial restraint at both ends. Based 

on these assumptions, both diagonal members may be at risk of failure if lateral support failed 

and if they corresponded to a higher imperfection class. The east diagonal, however, is 

consistently more slender due to its higher length as shown in Fig. 6.4. 

Table 6.1. The capacity of diagonal members of Truss 2 

Member 
Length 

(m) 

Length 

factor 

Critical 

buckling 

load (kN) 

Squishing 

load (kN) 

Nondimensional 

slenderness λ 

Applied 

load*
 

(kN) 

Load/Capacity 

given 

imperfection  

a0 d 

West 

diagonal 

(C595) 

11.72 0.85 42,678 69,631 1.28 27,134 1.33 0.89 

5.86 0.85 63,819 69,631 0.64 27,134 2.35 1.75 

East 

diagonal 

(D595) 

13.88 0.85 30,428 69,631 1.51 24,020 1.13 0.79 

6.94 0.85 42,259 69,631 0.76 24,020 2.53 1.76 

*As shown in erection drawings (Frankel Steel Limited 1985) 

 

Fig. 6.4. Buckling curves for Truss 2 diagonals (a) assuming no lateral support provided by lateral members, and 

(b) assuming lateral members provide full support at midspan 
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6.3.3. Potential collapse of Truss 2 

Truss 2 was a major component of the load-carrying structure of WTC7 and supported critical 

core columns. In the case of a fire, the lateral beams on the sixth floor may lose capacity, which 

would then double the length of the diagonal members. The unbracing of the diagonals and the 

additional thermal loading which they may experience would then cause their buckling. 

Considering the load path in Fig. 6.3 (a), a failure in one or both diagonals may have resulted 

in the total collapse of the truss which may then have had severe ramifications to the rest of the 

structure and may have even triggered global collapse. 

Upon closer inspection of Truss 2 and MG-23 in Fig. 6.5 (a), another potential failure 

mechanism becomes apparent. The large built-up girder MG-23 framed into Truss 2 from the 

south, which meant that any thermal action this girder would be subjected to would translate 

to forces that Truss 2 must resist outside of its plane of action. Support south of girder MG-23 

is expected to be provided by the available floor framing, the perimeter columns, and the south-

face wind bracing. The response of Truss 2 to the restrained thermal expansion of MG-23 may 

result in the mechanism detailed in Fig. 6.5 where: (b) shows a wire model of Truss 2 and MG-

23 just before the heating, (c) shows the beginning of the expansion of MG-23 due to elevated 

temperature, and (d) shows that the diagonals were forced to buckle out-of-plane prematurely 

due to P-δ effects, which leads column 77 to fail and causes MG-23 to lose its support and 

collapse. For this mechanism to occur, built-up girder MG-23 must possess sufficient capacity 

to sustain large constrained thermal expansions without buckling or failing, which would 

become a different structural mechanism. Assessment of the response of MG-23 to restrained 

expansion is thus the topic of the next section. 

  

Fig. 6.5. The potential collapse of Truss 2 (a) Truss 2 column designations, (b) Truss 2 line representation, (c) 

As MG-23 heats up it pushes on Truss 2 out-of-plane, and (d) due to P-δ effects Truss 2 diagonals buckle and 

vertical support is lost to columns 77 and 78 
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6.3.4. Transfer girder MG-23 

A 0.1 m × 2.186 m GR 42 steel plate was used for the web of MG-23, and 0.127 m × 0.762 m 

plates were used for its flanges. Two 0.1 m × 0.25 m plates of the same grade were used to 

stiffen the location where column 78 loaded the girder, and two 0.0889 m × 0.25 m A36 

stiffening plates were also fitted to each side of the web at the location of column 78A as 

detailed in Fig. 6.6 (a).  

As a deep beam, the load-carrying mechanism of MG-23 is fundamentally different from the 

other structural elements of Truss 2. It is therefore useful to assess its response to ambient and 

thermal loads in isolation of the rest of the structure to gauge both its capacity under thermal 

load and the general magnitude of thermal expansion-induced force it can apply to Truss 2. An 

OpenSees model was built of the girder using NLDKGQ elements discussed in Chapter 4 and 

the layered-shell cross-section abstraction. Eight layers of J2 plasticity steel were used for the 

web, ten for the flanges, and six and eight layers for the 75 mm and 100 mm stiffening plates 

respectively. However, as the thermally enabled layered-shell cross-section and J2 plasticity 

steel thermal material are not fully compatible with the eigensolvers available in OpenSees, 

they were replaced with the elastic membrane plate section when running linear buckling 

analysis. The end of the girder connected to Truss 2 was assumed to be fixed in all translational 

freedoms and assumed to be fully fixed at the bottom flange where MG-23 was connected to 

column 78A.  

  

Fig. 6.6. Girder MG-23 (a) construction details, and (b) model boundary conditions (Frankel Steel Limited 1985) 

A variant of this model was also tested where lateral support is also provided to the top portion 

of the girder at the location of column 78A as shown in Fig. 6.6 (b). The vertical load from 

column 78 was applied over the middle, stiffened region of the girder. Mass was assigned to 
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the nodes using the auto-mass command, and the nodal connectivity was corrected using the 

FixQuadConnectivity command, both of which were implemented in GiD+OpenSees and 

discussed in Chapter 5.  

The mesh and first three buckling modes of the girder are shown in Fig. 6.7, and do not change 

significantly whether lateral support is provided at the location of column 78A or not. As 

expected, the buckling modes all involve out-of-plane deformation of the web. Unfortunately, 

the eigensolvers provided in OpenSees were designed for performing vibration analysis of 

framed structures, and despite setting the solver to buckling analysis, it is difficult to ascertain 

the accuracy of the results or establish the values of the critical load factors. As will be shown 

next, however, it is unlikely that elastic buckling would contribute to the failure of MG-23.  

 

Fig. 6.7. OpenSees model of MG-23 and its first three buckling modes 

As a deep beam, MG-23 carried its applied load via compressive struts and tensile ties as shown 

in Fig. 6.8 which showcases the tractions in the web of the girder. With no lateral support 

provided at the top of the girder in the location of column 78A, the majority of the load from 

column 78 was transferred directly to column 78A through a compressive strut as seen in Fig. 

6.8 (a). Another compressive strut extended towards the support at the connection to column 

77 of Truss 2, and the lateral forces of the struts were balanced by a tension tie in the lower 

part of the web and the lower flange of the girder.  

Providing lateral support at the location of column 78A as shown in Fig. 6.8 (b) results in 

significantly reducing the force at the location of column 77.  This occurs because the segment 

of the girder between columns 78 and 78A can achieve equilibrium without requiring 

significant support at column 77. The lateral support at column 78A provides another 

‘anchoring point’ for the stress field within the deep beam.   
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Fig. 6.8. Force field in MG-23 due to ambient loading (a) only vertical support at column 78A, and (b) vertical 

and lateral support at column 78A (deflections ×100) 

To evaluate the response of the girder to thermal action, the portion within the mechanical room 

and between columns 78 and 77 was subjected to a uniform temperature increase up to 600 °C. 

As will be shown in the next section, this is well within the achievable temperatures for the 

girder considering a hydrocarbon fire exposure. The resulting tractions in MG-23 for the case 

without lateral support is shown in Fig. 6.9 (a), and with lateral support shown in Fig. 6.9 (b). 

The axial force developed at the connection to Truss 2 is highly dependent on the degree of 

lateral restraint to which girder MG-23 is subjected, as expected and as observed from the 

figure. Without lateral support, the laterally unsupported edge over column 78A does not need 

to contribute to the equilibrium of the girder, and all tensile tractions are replaced by 

compressive forces due to restrained expansion. The forces due to restrained expansion are 

directed via compressive struts, in combination with the load of column 78, towards column 

78A. The maximum lateral forces in the top and bottom nodes of the girder at the interface 

with Truss 2 are 20.2 MN, and 14.1 MN respectively. The lower force in the bottom node is 

explained by the restrained thermal expansion in the diagonal direction which is more heavily 

restrained for the upper node due to the fixed nodes at the bottom of the girder at the location 
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of column 78A. Naturally, the forces at Truss 2 for the model with the lateral support at column 

78A are larger than for the model without lateral support. The force reactions at the top and 

bottom nodes are 18.5 MN and 22.3 MN respectively. As support is now provided at both the 

top and bottom at the location of column 78A, the force in the lower node at column 77 is 

higher than in the upper node because of the additional compression caused by column 78.   

 

Fig. 6.9. Force field in MG-23 due to constant thermal loading (a) only vertical support at column 78, and (b) 

vertical and lateral support at column 78 (deflections ×10) 

The actual degree of lateral support MG-23 will receive in the structure is expected to be below 

the cases shown in this section, and so the forces it will be subjected to are expected to be lower. 

Nonetheless, the results of the ambient and thermal analyses demonstrate that if it was heated, 

MG-23 was capable of applying massive lateral forces to Truss 2 without experiencing any 

significant instability. Even at the lowest force reaction of 14.1 MN, it is possible that MG-23 

may destabilise Truss 2 and cause its failure, which is the topic of the next section. 

6.3.5. Local model of MG-23 and Truss 2 

A small, local model of MG-23 and Truss 2 was built in GiD+OpenSees and is shown in Fig. 

6.10 (a). The model assumes that the column bases are fixed on the fourth floor and that the 

tension member on the fifth floor may not translate out of the plane truss of the truss (y-axis 

translation restrained). This assumption is valid considering that the fifth floor was not subject 

to heating, utilised a 356 mm deep slab, and incorporated additional diaphragm reinforcement 
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using wide-flange T-sections. The column tops at the level of the eighth floor are allowed to 

translate vertically but restrained from lateral translation and rotation. Two additional framing 

members framing into the truss on the sixth floor are also included because when subject to 

fire they would apply additional out-of-plane forces that may contribute to the destabilisation 

of the truss. Their ends are assumed to be fixed. Column 78A is also included in the model, is 

fixed at the fourth floor, and is supported against lateral translation at the fifth and sixth floors 

to simulate a more realistic lateral support to MG-23 and prevent column 78A from buckling 

prematurely.  

 

Fig. 6.10. The local model of MG-23 and Truss 2 (a) boundary conditions, and (b) member numbers for 

reference 

The thermal load was applied to the beam-column elements using the integrated simulation 

environment thermocouples from the last chapter. The gas temperatures specified were taken 

from the hydrocarbon temperature-time curve with an exposure duration of three hours as 

mentioned in section 6.2.3. A global average convective heat transfer coefficient of 50 W/m2K 

was used for the various members in the mechanical room. While this value is recommended 

by the Eurocode, it remains largely a rough approximation that does not distinguish between 

the scale of the various members (BSi 2002). Despite this shortcoming, choosing a uniform 

value in this way establishes a unified baseline that can be used for comparison after further 

calibration.  

No information is explicitly available about the nature of the fire protection applied to the 

transfer trusses. It is therefore assumed that the general SFRM thicknesses applied to the 
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building were also applied within the mechanical room. Because the diagonals are the primary 

vertical load elements in Truss 2, they were assumed to use the same fire protection thickness 

of 22 mm as heavy columns.  Likewise, as a floor-framing member, MG-23 was assumed to 

use the same fire protection of 13 mm as other floor beams in WTC7.  

The members of the model are designated the numbers shown in Fig. 6.10 (b) for reference 

within this section. For each member shown, the HT results predict the average temperature 

history plotted in Fig. 6.11. Two points are clear upon studying the figure: (1) column and 

diagonal member temperatures are relatively low even after three hours of exposure, and (2) 

temperatures for column 80 are missing. Regarding point 1, the average column and diagonal 

member temperatures do not exceed 400 °C even after three hours of hydrocarbon fire exposure. 

This is because of the large mass of these members, with column 77 having an average 

mass/length of 1086 kg/m and the diagonals a mass/length of 1329 kg/m. It takes 0.67 MJ to 

raise the temperature of 1 m of the diagonal members by 1 °K. When combined with the thermal 

insulation applied, this makes their temperature rise very slowly even under hydrocarbon fire 

exposure. Most other ‘thin’ members achieve temperatures of over 1000 °C by the end of the 

heating, with only minor variations due to size. The temperatures for column 80 were taken to 

be the same as the temperatures of the diagonals, and so column 80 is missing from the figure. 

This was due to a limitation of the HT script which does not accept sections whose web 

stiffeners reach or extend beyond the edge of the section flanges. This assumption is 

conservative, however, as column 80 is even heavier than the diagonal members (2099 kg/m) 

and its temperatures are thus expected to be lower.  

 

Fig. 6.11. Average section temperatures for the members of the local model 
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HT analysis for the cross-section of MG-23 was performed considering that the top side of the 

top flange was not exposed to elevated temperatures. The results of the analysis are summarised 

in Fig. 6.12 (a) which showcases the temperature-time history for the web, top flange, and 

bottom flange of the girder. The web achieves the highest temperatures within the cross-section 

due to the large, exposed area of the web. The results of the HT analysis were applied to the 

flanges, as well as at five different points throughout the web as shown in Fig. 6.12 (b). The 

contours in Fig. 6.12 (b) appear to show only three temperatures through the web because the 

temperatures in the middle are close to one another.     

 

Fig. 6.12. Thermal analysis results for girder MG-23 (a) temperature-time history, and (b) thermal loading 

Static thermomechanical analysis of this small-scale model ran into several convergence issues 

prompting the utilisation of implicit dynamic analysis for this study. It became clear after 

running the dynamic analysis that the issues in convergence emerged from the buckling of the 

various slender floor beams that had reached very high temperatures. The observed failure of 

these members is demonstrated in Fig. 6.13. The buckling of these members occurred because 

of the large axial forces that developed in them due to restrained thermal expansion. A clear 

buckling pattern in the axial force can be observed in Fig. 6.14 (a). Fig. 6.14 (b) shows the axial 

force in the diagonal members, both of which are subject to increasing compressive forces. 
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Fig. 6.13. The buckling of the various lateral members of Truss 2 

At around the 30 minutes mark, the east diagonal member has lost all lateral support that was 

provided on the sixth floor. By studying Fig. 6.14 (b) it is noted that the east and west diagonals 

tend to interact before the 60 minutes mark. The east diagonal is expected to have been 

expanding more due to its higher length and thus taking away some of the vertical load that the 

west diagonal had been carrying. After 60 minutes of heating, however, both diagonals carry 

increasing axial compression. By end of the heating, most of the lateral members had buckled 

and could no longer carry any axial load, while the diagonal members continued to sustain an 

axial load without issue.  

 

Fig. 6.14. Axial load in local model (a) lateral elements, and (b) diagonals 

None of the members that had failed was critical to the load-bearing capacity of the truss, and 

so Truss 2 did not collapse. The diagonal members remained intact throughout the analysis for 
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the entire duration of the 3-hours fire. By studying the vertical displacement of column 77 

presented in Fig. 6.15 (a) it becomes clear that the diagonals were effectively pushing up 

against the column load. By the end of the heating, the column tip had moved up by about 40 

mm. The top of Column 78, on the other hand, does not deflect significantly. Fig. 6.15 (b) 

shows the lateral deflections in the connection between the hanger and column 77, and at the 

location where member 6 (Fig. 6.10 (b)) frames into Truss 2. The lateral expansion of member 

6 causes lateral deflections of over 80 mm to the north, which exceeds the deflections achieved 

at the connection between the hanger and column 77. While these deflections may appear 

significant, considering the scale of the transfer structure puts them into perspective: as the 

length between columns 74 and 80 is about 20 m, a lateral deflection of 100 mm is equivalent 

to only 1/200 the span which according to this model may have not been sufficient to 

compromise the structure.  

 

Fig. 6.15. Selected displacements from the local model (a) vertical translation of column tops, and (b) lateral 

displacement in the hanger and its connection to column 77 

The integrity of the diagonals observed in this model may be a result of one of the following 

reasons: (1) the diagonals and transfer structure are sufficiently robust to survive a hydrocarbon 

fire for three hours, (2) the model built is ill-suited for the simulation of the failure of this truss 

due to errors in OpenSees or the model discretisation, 3) the absence of restraint provided by 

the surrounding structure results in restrained thermal expansion forces that are too weak to 

compromise the structure, or 4) failure should have occurred in the connections of the truss but 

the current model assumes perfect connections.  
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It is difficult to make a conclusive judgement on which of these reasons was responsible for 

the outcome of the presented analysis or whether the reason was one of the four presented 

arguments at all. The suitability of the current model to capture failure is tested next, followed 

in the next section by exploring the effect of modelling the surrounding structure in a larger 

model of the mechanical floors. Unfortunately, it is not possible to explore reason (4) within 

this study because OpenSees for Fire does not currently include suitable connection models 

and because the connection details for Truss 2 are unknown. If failure did indeed take place 

because of a connection failure, then by exploring the response of WTC7 to a hypothetical 

failure of the diagonals of Truss 2 it may be possible to judge whether the mechanical room 

fire hypothesis is likely. This may be judged based on the deformed shape of the structure and 

how well it matches the observed collapse mechanism detailed in Chapter 2.  

The force within the diagonals, as established from Fig. 6.14 (b), was in the order of about 20 

MN. Few structural members can sustain such a load, and so to simulate the failure of the 

diagonal members weaker sections (W33×118) were assigned to them and then a dynamic 

analysis was performed. As expected, the weaker sections are unable to sustain the load and so 

the collapse of Truss 2 is captured by the model as shown in Fig. 6.16. The hanger immediately 

buckles under the additional axial load that it is subjected to and which the diagonals had 

resisted in the previous model. Having lost its support, MG-23 also fails and pulls on the 

surrounding columns 74 and 80 as it goes down. Of course, if this failure had occurred due to 

connection failure, then the connections between the floor beams and columns 74 and 80 would 

have also ruptured and the columns would not be pulled in as drastically as depicted in the 

figure. 

 

Fig. 6.16. Collapse if weaker diagonals substituted for actual members used 

Failure of the diagonals does not necessarily have to occur simultaneously in both members. 

The east diagonal exists completely within the mechanical room as Fig. 6.2. had demonstrated 

and is more slender and thus more likely to buckle as was given in Table 6.1. and shown in Fig. 
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6.3. Fig. 6.17 thus shows the response of Truss 2 if only the east diagonal member were to fail. 

Just as for the failure of both diagonals, the hanger quickly buckles, and girder MG-23 begins 

to sink. However, it is also noted that the girder falls towards the east pushing on column 80 

and causes it to deform noticeably while at the same time pulling on column 74. After that, 

column 78A buckles under the extra load it receives from column 78, and girder MG-23 falls 

completely towards the east. Even if the connection to column 80 were to fail, the eastward 

push of MG-23 may affect the column by bearing especially when considering the additional 

floor and framing that would be mobilized by the order-of-magnitude larger mass and force of 

girder MG-23. The additional load that column 80 receives by the failure of columns 77 and 

78 as well as the lateral disturbance it is subjected to may compromise its stability and possibly 

result in the form of progressive collapse WTC7 experienced.  

 

Fig. 6.17. Collapse if weaker east diagonal substituted for actual member used 

6.4. Integrated model of WTC7  

6.4.1. Model details and approximations 

The Revit model discussed in section 6.2.1 was used to build a GiD+OpenSees model of floors 

five through seven which is shown in Fig. 6.18 (a). As discussed in Chapter 5, only the framing 

geometric information was exported and the slabs had to be added in GiD. To ensure 

connectivity between the slabs and the framing the geometric surface entities had to correspond 

to the boundaries of the framing. This was done by first dividing the framing into closed 

quadrilateral segments and then copying and offsetting them to represent the boundaries of the 

surface entities. Meshing was performed by specifying an element size of 0.5 m, running the 

GiD mesh engine, followed by erasing the mesh for the MeshRepair command from Chapter 5 

to take effect, and then meshing once more to generate a compatible mesh where all slabs and 

beams are connected. Beam rigid links are used for the seventh floor and equal degree of 

freedom constraints were used for the sixth floor. Equal degree of freedom constraints tend to 

be slightly less computationally intensive, and are expected to be sufficient for the sixth floor 
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as its slab remains at ambient throughout the analysis. The column bases were all fixed at the 

level of the fourth floor, while their tops were allowed to translate vertically. The nodes on the 

‘cut’ edge of the model and where it would have connected to the ambient portion of the 

building were fixed. This boundary condition was applied because it is assumed that sufficient 

restraint would be provided at these locations because of the stiffness of the remaining unheated 

structure. If this assumption were to be shown incorrect by significant mechanical or 

thermomechanical effects at the edge of the model, then it would be possible to change the 

conditions on the boundary in later iterations of this case study. However, as will be shown, 

none of the analyses suggested significant involvement of the edge boundary conditions. The 

meshed model and its boundary conditions are shown in Fig. 6.18 (b). The model included over 

150 section definitions and used the steel properties listed by the Arup investigation report 

(Arup 2009). The properties of the concrete were set to their design values taken from the 

erection drawings (Frankel Steel Limited 1985). Column loads were based on the column 

schedule load values, and the floor load was taken from the typical superstructure sections and 

details drawing (Office of Irwin G. Cantor 1985).  

 

 

Fig. 6.18. GiD+OpenSees model of WTC7 mechanical floors (a) geometry imported from Revit and slabs built-

in GiD, and (b) mesh and boundary conditions 

All connections were assumed to be perfect and were not explicitly modelled. Two additional 

simplifications to the structural model were made for practicality: 1) all pre-camber values 

were ignored, and 2) The built-up girders MG-27 were represented using line elements with 

varying sections. Most floor beams outside the core on floors five through seven had a pre-

camber specified between 25 mm and 63.5 mm, with the eastern part of the building utilising 

an average value of about 44 mm. As will be seen, ignoring this pre-camber results in 
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significant deflections that may or may not have presented in the real building. As mentioned 

in section 6.3.1, there was a set of eight 2.7 m deep built-up girders (MG-27) transferring the 

vertical loads of the hanging columns on the north edge of WTC7. Five of these girders were 

included in the current model, but instead of representing them using shell elements as 

appropriate, they were abstracted using beam-column elements with sections changing with 

the change in the depth of the girder. While such a representation would be completely 

inadequate for a detailed model of the response of these girders to thermal or extreme loading, 

that is not the purpose of the analysis being performed here. In this analysis, Truss 2 is the 

focus of attention, and the involvement of transfer girders MG-27 is limited to carrying simple 

ambient loads which a beam-column element can represent sufficiently. As with the assumed 

boundary conditions, if significant involvement of these girders is indicated by the analysis, 

then the model could be adjusted and rerun to account for that.  

Another major simplification of the model is the utilisation of the hydrocarbon temperature-

time curve as the gas temperature for the mechanical room fire. While it is hoped that this 

idealistic curve may subsume the overall effect of a pool fire within the mechanical room, it 

overlooks the variation of temperatures with compartment height and the effect of the assumed 

ventilation conditions on local gas temperatures. Despite these inaccuracies, the hydrocarbon 

fire curve serves as a good starting point for assessing the effect a severe diesel fire may have 

on the global stability of the structure. Depending on the results, further studies using FDS may 

become necessary.  

The composite slab thermocouple is one of the primary thermocouple types introduced in 

Chapter 5. One of its main advantages was representing the thermal gradient of composite 

beams accurately by utilising an HT analysis considering the slab and applying the thermal 

results to both the beam-column and shell elements of the thermomechanical model. This 

thermocouple required that the geometric surface entities representing the concrete top flange 

of the composite beam be explicitly divided from the entities which would be assigned a 

thermocouple corresponding to a regular slab thermal load (i.e. slabs between the composite 

beams). While this was definitely feasible for ordinary structures such as the Cardington 

building as shown in the previous chapter, the complex nature of the floor plan of WTC7 made 

this very difficult. Upon inspecting the slab divisions in Fig. 6.19 (a), it becomes clear that 

explicit division of composite beam surface entities was impractical. For this reason, when 

applying the thermal load to the mechanical room as shown in Fig. 6.19 (b), the thermal load 

for the composite slabs was ignored and substituted by a regular surface thermocouple. The 
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thermal load to the floor beams, however, did consider the slab during the HT analysis and so 

the inaccuracy is limited to the concrete portion of the composite beams which was assigned a 

thermal load based on HT analysis of only the concrete slab section.  

 

Fig. 6.19. Composite slab for floor 7 (a) geometry with slab divisions for connectivity, and (b) mesh with the 

thermally affected region 

As with the local model of Truss 2, an average convective heat transfer coefficient of 50 

W/m2K was used for the floor beams. A lower value of 30 W/m2K was used for the slabs 

considering that their effective length is equal to their thickness thus lowering the convective 

heat transfer coefficient. While there is a basis for reducing the convective heat transfer 

coefficient of the slabs, further study is necessary to establish an accurate and representative 

value for this reduction based on the characteristics of the fire and the structural components.  

6.4.2. WTC7 response to mechanical and thermal load 

Fig. 6.20 shows the results of the static analysis of the WTC7 mechanical floors model subject 

to ambient loads. A maximum deflection of 45 mm was obtained in the northeast corner of the 

building as shown in Fig. 6.20 (a). This region was noted to utilise the largest pre-camber values 

of 57 mm to 63.5 mm which would completely account for the observed deflections. It is shown 

in Fig. 6.20 (b) that even under ambient loads some cracking is expected in the top concrete 

layers of the slab. This occurs over some regions where a negative moment is expected such as 

over the girders connecting column line 81, 80, 79, and the north perimeter. It is also noted that 

the modelling of girder MG-27 as beam elements does not seem to be problematic, and it is 

shown that positive deflections are expected over these girders due to the hanging loads of the 

north perimeter columns. Cracking is also noted on top of the large built-up girder MG-23. 

This effect is likely an artefact of the large concentrated load applied there at column 78, and 

are therefore not particularly meaningful.  
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Fig. 6.20. Results from ambient analysis (a) deflections, and (b) Tensile damage in the top concrete layer  

The maximum deflections reached during the heating phase of the fire were up to 0.97 m in the 

heated slab in the east of the mechanical floor as shown in Fig. 6.21 (a). This peak deflection 

was reached at the end of the three-hour exposure. At first, this analysis was performed using 

static integration. However, the static analysis could no longer proceed due to numerical 

difficulties and the model was rerun using Newmark’s method.  The convergence difficulties 

were caused by the large strains achieved, and because many unessential members within the 

mechanical room had buckled as seen in Fig. 6.21 (b). A nominal value of Rayleigh damping 

constituting 5% of the mass and 0.5% of the stiffness was used for numerical stability. The 

scaled total time-step was 1.08 and corresponded to 3 hours of thermal exposure. 

 

Fig. 6.21. Static thermomechanical model (a) deflections, and (b) buckling of lateral beam-column elements 

(deflections ×1) 

As expected, significant damage is sustained in the seventh-floor slab, which is shown for the 

top concrete layer in Fig. 6.22 where (a) shows tensile damage and (b) compressive damage. 

The tensile damage grew rapidly over the floor beams and building edge, which is consistent 

with observations made during multiple experimental programmes discussed in Chapter 3. 
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Tensile damage on top of girder MG-23 grew and reached the north perimeter of the building, 

and was also observed growing diagonally from the corner of the building towards the fire 

region. Compressive damage was more localised and constituted crushing of the concrete at 

the corners of the exposed slab as shown in Fig. 6.22 (b).  

 

Fig. 6.22. Damage in the top layer of the slab of floor 7 (a) tensile damage, and (b) compressive damage 

Unfortunately, as MG-23 was built using shell elements it was not possible to visualise 

reinforcement strain in GiD. This is because the post-processor cannot distinguish between the 

reinforcement layers in the slab and the steel layers within the girder and ends up misnumbering 

the results and only visualising noise. 

The axial force in the diagonal members against time is plotted in Fig. 6.23 (a), and the 

displacement of columns 77 and 78 are shown in Fig. 6.23 (b). The magnitudes and patterns 

are different from those of the local model of Truss 2 shown in Fig. 6.14 and Fig. 6.15. Overall, 

the axial forces in the diagonals are higher in the larger model because of the additional restraint 

forces contributed by the rest of the structure. Peculiarly, the western diagonal axial force 

appears to take the form of a buckled member but no large out-of-plane deformations were 

recorded in it. This indicates that the reduction in its load is due to the longer eastern diagonal 

member taking on more of the load and thus effectively unloading it. Similar to the local model 

of Truss 2, the diagonals push column 77 upwards as seen in Fig. 6.23 (b) and thus the axial 

forces they are subjected to is limited by the vertical load of the column. The tip of column 78 

deflects downward because MG-23 is thermally bowing due to its thermal gradient and the 

lower restraint to its thermal expansion on the bottom flange. The bottom flange of the built-

up girder pushes against the connection between the hanger and column 77, which offers a 

significantly lower restraint than that provided at the seventh floor by the slab and floor framing. 

The eastern diagonal achieves axial compression of about 50% more than that achieved in the 
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local model of Truss 2. The magnitude of this force, manufacturing imperfections and thermal 

load puts this column outside the design limits of Table 6.1. Therefore, the next step of this 

case study is to test the effect of heating the diagonal members assuming they were unprotected. 

 

Fig. 6.23. Response of Truss 2 and MG-23 (a) axial force in the diagonal members, and (b) deflections of 

columns 77 and 78 

6.4.3. Potential collapse if Truss 2 diagonals were unprotected  

Assuming the diagonal members were unprotected their average temperature would rise to 

about 300 °C in 15 to 20 minutes and about 1100 °C after three hours. This results in the 

deflections shown in Fig. 6.24 (a), caused by the buckling of the diagonals as shown in Fig. 

6.24 (b). The maximum displacement at the tip of column 77 was 1.59 m, and the analysis was 

run with implicit Newmark integration using the average acceleration method with the same 

parameters as in the previous analysis. This means that even as the failure of the diagonal 

members was taking place the model was still incrementing the thermo-mechanical load. The 

deflections in the east bay of the building are therefore caused by the thermal loading which 

continued up to about 120 minutes of the fire before the analysis was terminated. It is noted 

from Fig. 6.24 (a) that the vertical deflections are skewed west (deflected surface approaches 

column line 80-81), but are otherwise centred around column 77 which lost its support.  
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Fig. 6.24. Deflections due to Truss 2 failure (a) displacement in the slab of floor 7, and (b) buckled transfer 

structure 

The buckling of the diagonal members of the transfer structure is indicated clearly by the axial 

force developed in them as shown in Fig. 6.25 (a). The axial force reached about 34 MN in the 

east diagonal after ten minutes and then was followed by buckling of the west diagonal member 

some 20 minutes later. Column 77 continued to rise for about 7 minutes after the buckling of 

the east diagonal as shown in the vertical displacement of the column tops in Fig. 6.25 (b). 

Soon after, however, column 77 began to fall rapidly reaching a maximum deflection of nearly 

1.6 m in what is dynamically about 0.5 s but over 1.5 hours of heating pseudo-time.  

 

Fig. 6.25. Effect of heating on unprotected Truss 2 elements (a) axial forces in diagonal members, and (b) 

vertical displacement of columns 77 and 78 

As the truss failed, the slab resisted the failure by adopting a compressive ring around the failed 

region as shown in Fig. 6.26 (a). Another compressive ring is formed about the heavily heated 



173 

 

eastern bay. The concrete on top of the affected floor framing appears to have cracked by 

inspecting the damage indices of the top layer of the concrete slab presented in Fig. 6.25 (b), 

as would be expected. Tensile damage also accumulated over the end of the girder MG-23 and 

towards the south edge of the building. 

 

Fig. 6.26. response of the slab to the failure of Truss 2 (a) tractions, and (b) compressive damage in the top 

concrete layer 

This model intended to assess whether a mechanical room fire could have initiated the collapse 

of WTC7. So far, it seems that the failure of Truss 2 is likely if its fire protection was lower 

than that of heavy columns. This also points that this failure may also occur if the mechanical 

room fire burned for longer and thus allowed for higher temperatures in the diagonal members. 

The fire protection values adopted in this work were taken from the NIST reports for columns 

and beams, but not for the transfer structure for which the fire protection thickness was assumed 

to be the same as the rest of the structure (NIST 2008). Furthermore, it took about seven hours 

for the collapse to occur, and so it is possible that the potential mechanical room fire would 

have burned for longer than three hours.  

While the analysis was run up to nearly 120 minutes of heating time, only the first 30 minutes 

are structurally meaningful. This is because after the buckling of both diagonal members, 

dynamic effects should take over the structural response and the heating should no longer be 

applied. This can be done in future analyses with a larger model to study the collapse 

propagation after the failure of the diagonal members. From the current results, it appears that 

the collapse of the transfer structure would affect columns 77 and 78 which are directly carried 

by it. Column 80 is also likely to be affected as part of the load that was carried by these two 

columns would be transferred to it. To judge this failure more fairly, an even larger model 

constituting more floors is necessary where the force redistribution can be evaluated and the 

resulting collapse mechanism assessed and compared to the observed failure.  
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6.5. Conclusion  

This chapter looked at Truss 2 and built-up girder MG-23 within the mechanical room on the 

fifth floor of WTC7. This combined transfer structure was responsible for providing a direct 

load-path for the load of column 77 to columns 80 and 74, and from column 78 to 78A. The 

diagonal members of Truss 2 were the most susceptible to failure because of their length and 

their contribution to the load-carrying capacity of the truss. If the diagonal members were to 

buckle, then all of Truss 2 would also fail, and WTC7 would have had to either relocate the 

load to other columns that could bear the additional burden or collapse completely.  

If a fire were to occur in the mechanical room, then a likely failure scenario would have been 

for girder MG-23 to expand laterally pushing on Truss 2, which may then induce sufficient P-

 effects to cause its diagonal members to buckle and the transfer structure to collapse. To 

study this possibility, an OpenSees model of MG-23 was first built to assess if it had enough 

capacity to cause significant damage to Truss 2. Linear buckling analysis of MG-23 showed 

that its first buckling modes were out-of-plane but were unlikely to occur as the girder could 

sustain the applied load and a uniform thermal load of up to 600 °C without issue. The reaction 

force at the location where MG-23 connected to Truss 2 reached up to 22.3 MN, which is the 

same order of magnitude as the column loads.  

A local model of Truss 2 and girder MG-23 was then built and used to analyse the impact of a 

potential hydrocarbon fire on the transfer structure. As the columns were designed to carry very 

large loads, they were built up from wide flange sections reinforced with steel plates that were 

up to 200 mm thick. Therefore, the protected columns reached only moderate temperatures 

even after three hours of hydrocarbon exposure. The diagonal members were designed with a 

similarly large section and also remained relatively cool. Many of the smaller lateral members, 

however, reached very high temperatures and buckled soon into the analysis. The diagonals 

did not fail, however, and instead managed to push column 77 up with their thermal expansion. 

Knowing that the restraint in the local model may not have been sufficient to generate large 

restrained expansion forces, the diagonals were forced to fail by replacing them with weaker 

sections. This served two main purposes: to test whether the model could simulate failure and 

to visualise what failure of the diagonals may look like and how it would affect the rest of the 

structure. Two failure modes were tested: both diagonal members buckling at the same time, 

and only the east diagonal failing. Both of these tests showed that failure of the diagonals can 
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be simulated in the model and that their failure would cause the total failure of the transfer 

structure and would affect all columns connected.  

The next model was of half the building and represented floors five through seven. As with the 

local model of Truss 2, the mechanical room was subjected to hydrocarbon fire exposure for 

three hours. Some modifications had to be made in the model for the sake of practicality, such 

as representing the five large transfer girders MG-27 with beam-column elements and setting 

the HT analysis of the slab to ignore the effect of the beams. The analysis once again was 

unable to predict the failure of the diagonal members and had to be performed using implicit 

dynamic integration because of the large strains, high temperatures, and buckling of non-

essential structural members. Another dynamic model was then run but this time assuming that 

the diagonal members of Truss 2 were unprotected. Ten minutes after the initiation of this 

analysis, the eastern diagonal member buckled followed by the western diagonal. Columns 77 

and 78 then fell, and the floor tried to resist the failure via the compressive ring and tensile 

membrane action. Further study is still necessary to assess load redistribution, collapse 

propagation, and to compare them to the observed collapse mechanism.  

It is clear from the analyses showcased in this chapter that the failure of Truss 2 would have 

been catastrophic for WTC7, but it is still unknown if a mechanical room fire may have caused 

such a failure. It is also not known if the failure would have managed to propagate to the rest 

of the structure and cause the penthouse to sink by inducing failure in the columns along 

column line 81-80-79. While further study remains necessary to ascertain the role that a 

mechanical room fire may have had in the collapse of WTC7, it is important to thoroughly 

consider all the possibilities and thus the possible failure of Truss 2 should be added to the list 

of collapse hypotheses.    

The analyses performed in this chapter showed that the integrated simulation environment has 

met many of the goals set out when it was designed. However, it also showcased many flaws 

and highlighted the lack of some needed additions and adjustments. These will be addressed in 

further detail in the next and final chapter.  
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Chapter 7. Conclusions and Future Work 
7.1. Summary 

This research aimed to expand the open-source computational tools available to the researcher 

and engineer for performing state of the art simulation of large structures in fire.  In addition, 

this research intended to use World Trade Center building 7 (WTC7) as a case study to test and 

improve upon the developed integrated simulation environment. To achieve these objectives, 

the research began by first exploring the many expert investigation reports produced on WTC7. 

The thousands of pages written on the collapse and investigation process provided valuable 

insight into what the integrated simulation environment needs to achieve to be a viable tool for 

the analysis and design of large structures. The investigations showed that the behaviour of 

composite floor systems played a crucial role in the collapse of the building. Therefore, the 

integrated simulation environment should aim to represent composite slabs and composite floor 

systems accurately. The criteria for an accurate representation of composite floors and floor 

systems were then examined in the following chapter. Much of the experimental and theoretical 

literature generated over the last twenty years was reviewed, and a general understanding of 

what OpenSees should be able to simulate was established. In Chapter 4 OpenSees was 

improved upon to produce representative simulations of experimental observations such as 

concrete cracking and reinforcement bar strain concentrations. A simulation of the Cardington 

corner compartment test was also performed and showed that OpenSees was now capable of 

modelling composite floor systems well. With the prerequisites met, the work on the integrated 

simulation environment began in earnest in Chapter 5. The extendable graphical user interface 

GiD, and its OpenSees script module GiD+OpenSees, formed the baseline from which the 

development started. A multitude of libraries and functionalities were added, and the integrated 

simulation environment was established and controlled by the GiD+OpenSees 

Thermomechanical Edition. Using the integrated simulation environment, the researcher and 

engineer could: (1) quickly import geometric information from existing computer-aided design 

models, (2) assign OpenSees thermomechanical materials, loads, and establish beam-slab 

connectivity, (3) connect to computational fluid dynamics tools to generate thermal fields, (4) 

perform heat transfer analyses utilising multiple computational cores, and finally (5) run 

detailed thermomechanical analyses and post-process the results. Finally, the integrated 

simulation environment was used to simulate the response of WTC7 to a fire within the 

mechanical room.  
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7.2. Conclusions 

Chapter 2 

• WTC7 was damaged by debris from the collapse of WTC1 but was not immediately 

structurally compromised. The water supply for the sprinklers on the bottom 20 floors 

was provided by the city mains and was disrupted due to the collapse of the other 

towers. Fires erupted over multiple floors and the building fell about seven hours later. 

Evacuation of the building was done early and resulted in avoiding fatalities. Power 

supply to all of lower Manhattan was cut off because WTC7 was built on top of a power 

substation that was destroyed in the collapse. 

• The investigations of the collapse of WTC7 all utilised large finite element models. The 

models of each team were built in different software and each used different levels of 

discretisation. Most models considered shear stud failure, connection failure, and 

thermomechanical effects. Arup and NIST concluded that failure had initiated at the 

connection of girder 44-79 to column 79 due to a combination of loss of shear studs 

and thermal expansion of the floor beams. Weidlinger Associates, Inc concluded that 

the failure had occurred due to the failure of the connections near column 80 caused by 

large heating-induced tensile forces in the floor and severe thermal degradation. 

• All connection and shear stud failures assumed by the investigators were initiated 

because of the forces that developed within the composite floor system. Therefore, any 

system that hopes to be used for forensic investigation and design of large structures in 

fire must be able to represent composite floor systems accurately.   

• Reviewing the plans for the tertiary emergency power systems indicates that a 

continuous leak of diesel fuel into the mechanical floors was possible. This may have 

then fed a fire within the mechanical room if its wall was breached by debris. Fire 

dynamics simulator (FDS) analysis of the potential mechanical room fire by the BRE 

Centre for Fire Safety Engineering indicated that the fire would have reached steady-

state burning within ten minutes. Gas temperatures would then have reached above 

1000 °C.  

Chapter 3 

• A review of the experimental work performed on composite slabs and composite floor 

systems showed that the majority of tests were performed on small scale specimens, 

and almost half were tested at ambient conditions. Nearly all elevated temperature tests 
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were performed using standard temperature-time curves or heating regimens enforced 

by the heating equipment used.  

• Specimens that were simply supported often displayed the quintessential yield-line 

cracking pattern. These specimens mostly failed by either rupture of the long-direction 

reinforcement across the short span. Other failure modes such as the crushing of the 

concrete at the corners occurred when high-ductility reinforcement bars were utilised.  

• The tests performed on specimens with more restrictive boundary conditions primarily 

cracked at the supports and over any secondary beams. Cracking in the compressive 

ring region was also always observed. Failure of non-simply supported tests specimens 

occurred very rarely. 

• No shear slip, shear stud damage, or total connection failure was observed. Debonding 

of the steel decking occurred in many of the tests where it was utilised.  

• The theoretical approaches developed for assessing the capacity of composite slabs in 

fire were mostly based on the yield-line approach. Most methods are focused on the 

design of small slab segments and do not offer significant insight into the behaviour of 

continuous slab systems. This is mostly because of the assumption that slabs will act as 

separate entities once heating occurs and edge cracking takes place. This is not entirely 

correct as shown by the Jinan experiments.  

Chapter 4 

• OpenSees has been enriched over the last few years with nonlinear shell elements and 

cross-section discretisation for representing concrete slabs in fire. Additionally, an 

implementation of the Concrete Damage Plasticity model was added recently. 

• Two approaches for representing reinforcement bars were tested: the rebar mesh 

approach, and the reinforcement layer approach. The first approach is a closer 

representation of real bars and predicts higher deflections. It is thus be used for 

modelling slabs in this work.  

• OpenSees for Fire showed that it is capable of capturing both the cracking of the central 

region of simply supported slabs and the high-strain concentrations in the rebars that 

occur there.  

• Both the BRANZ slabs and the Cardington corner compartment tests showed very good 

agreement between the OpenSees results and the experimental data. It was thus 
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concluded that the OpenSees framework for representing slabs is capable of modelling 

the behaviour of composite floors in fire. 

Chapter 5 

• The integrated simulation environment was designed using GiD and the 

GiD+OpenSees interfaces. Large model geometries can be imported from Revit or 

Building Information Models (BIM) and require only a rudimentary level of  BIM 

implementation.  

• A parametric script for heat transfer analysis of common sections was developed to 

automatically calculate the temperature profiles in the various sections of large models. 

The material properties for the fire protection within the WTC7 building were added to 

OpenSees, and the parametric HT script was validated against experimental data from 

NIST.  

• The key features of the integrated simulation environment include linking to FDS, 

performing multi-threaded HT analyses automatically, and assigning thermal profiles 

according to these analyses. Other features to enable an efficient model-building 

workflow include smart composite beam connectivity and automatic mass assignment 

for shell elements. 

• The ability of the integrated simulation environment to link with FDS and perform 

large-scale simulations was demonstrated by modelling the Cardington large 

compartment corner test. The comparison of the simulation results with the 

experimental results was poor due to a very approximate FDS analysis. Demonstration 

of the integrated simulation process was the goal, however, not experiment-fidelity. 

The demonstration showed that the integrated simulation environment was ready to 

tackle larger problems. 

Chapter 6 

• The large transfer Truss 2 and the built-up girder MG-23 within the mechanical room 

of WTC7 are suspected to have caused the collapse of the building if a mechanical fire 

were to occur there. The heated built-up girder would push against Truss 2 out-of-plane 

which would cause the truss diagonal members to fail due to P-δ effects. This would 

cause the total collapse of the transfer structure.  

• Linear buckling analysis showed that the buckling modes of MG-23 are out-of-plane. 

However, the girder is capable of sustaining very large mechanical and thermal loads 
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without issue. Forces in the order of 20 MN can be induced by MG-23 onto Truss 2 

assuming full lateral constraint is provided at the other end of the built-up girder. 

• A local model of the transfer structure was built and subjected to the hydrocarbon fire. 

The results showed that the diagonal members of Truss 2 can push column 77 up due 

to their thermal expansion. This would limit the amount of axial force that they would 

experience and prevent them from failing. After 3 hours of hydrocarbon exposure, the 

transfer structure was still not compromised.  

• Assuming that the diagonals buckle, the entirety of Truss 2 would collapse. The failure 

of the diagonals causes the columns in the proximity of the transfer structure to be 

pulled in and causes the loss of support of columns 77 and 78.  Assuming only the east 

diagonal member fails, the truss would still completely fail and built-up girder MG-23 

would fall towards the east. Column 78A would buckle in addition to the failure of 

columns 77 and 78.   

• Running the same analysis but for the entire mechanical floors yields similar results. 

Many lateral floor members buckle, but the transfer structure, assuming the protection 

level of a heavy column, does not fail. If the protection of the diagonal members is 

removed or the fire were to burn longer, however, then they buckle and the transfer 

structure fails. The failure of the transfer structure seems to affect the areas directly 

above and to the east of it. Further study is still required for assessing the potential 

collapse propagation caused by this failure and to compare it to the observed 

mechanism.  

7.3. Future work 

7.3.1. Integrated simulation environment  

This thesis was structured so that the reader could follow a clear linear narrative. This may 

falsely give the impression that the integrated simulation environment was developed 

independently of the Cardington demonstration example and the WTC7 case study. The actual 

development process was a continuous cycle of going back and forth between programme 

writing and performing simulations. The development of the smart composite beam 

connectivity discussed in Chapter 5, for example, was in response to the time-consuming effort 

needed for manually linking the slab and floor framing of the Cardington large compartment 

test. Likewise, the Dynamics library was written as the need for dynamic analysis arose during 

the simulation of the local model of Truss 2 in Chapter 6.  
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The development process also encountered some issues that were deemed uncritical but ought 

to be fixed later. An example of this would be something like the numerical error preventing 

temperature data extraction for the HT analysis of column 80 in section 6.3.5 of Chapter 6. As 

the temperature profile for the column was known to be low and would not affect the response, 

the analysis was continued by manually overriding the column thermal load assignment. This 

issue cannot currently be corrected for column 80 because the stiffening plates are thicker than 

the section width, but it was corrected for other sections with heavy stiffening plates and unique 

dimensions. Some of the other issues encountered, however, were not as simple and some may 

require future research and development to improve upon.  

In section 6.4.2 of Chapter 6, another issue was encountered: postprocessing reinforcement 

output information in the presence of steel members modelled with shell elements was not 

possible. Unfortunately, there is currently no known work-around for this problem and it 

persists within the integrated simulation environment. In the future, this may be solved by 

explicitly separating the elements used for modelling slabs from other shell elements. Separate 

output files would then be generated for slab and girder elements, and the post-processor would 

be modified to treat each independently of the other and thus allow post-processing both girder 

and slab results without problems. This fix, however, requires significant modifications to the 

base code and is thus left for future development.   

The torsional resistance of composite beams, particularly edge composite beams, is an 

important component of the behaviour of composite floors as it governs the rotational boundary 

condition of the connected floor system. By using the smart composite beam connectivity, the 

floor slab and edge beams are connected rigidly which is a good approximation of the torsional 

boundary conditions only if the offset between the two is accurate. This is not a problem for 

simple floor systems that use one or two section types that could be assigned a predefined offset. 

However, for a problem like WTC7 where there are over 150 different sections, it is impossible 

to manually predefine offsets to the beams corresponding to their depths. One possible solution 

is to implement a command in GiD to offset each beam-column element based on their section 

information. This would, however, introduce more problems than it solves as the connectivity 

within the floor framing would be completely lost as the elements with different sections would 

be offset from one another and would no longer share degrees of freedom. Therefore, the 

solution to the offset problem needs to be implemented in OpenSees directly, where the element 

section should be allowed to be offset from its nodes with rigid connectivity between the offset 

and original nodes. This could be performed by modifying the Transformation object, but it is 
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an involved process that would take considerable effort to implement and debug. After this 

solution is implemented in OpenSees, it is necessary to establish what a correct offset value is. 

The right offset value for representing the torsional stiffness of edge beams in fire may not be 

as simple as assigning an offset corresponding to the sum of half the depths of the slab and 

beam. Further research is still needed in the future to establish how to accurately model the 

torsional response of composite beams, and the current integrated simulation environment, 

even as it is, could be used to facilitate this investigation.  

The smart composite beam connectivity allowed for linking beams and slabs quickly to 

simulate composite beams. Equal degree of freedom and rigid link constraints were introduced 

as the two connectivity types that could be used for this process. These are idealised and 

perfectly rigid or perfectly flexible abstractions of real shear studs which may deform and even 

fail. Failure of shear studs in fire has not been observed in any experimental programme, as 

noted in Chapter 3, and has been predominantly represented in the literature using the same 

approach used in this research. However, the studies of the various WTC7 investigation teams 

all assumed that shear studs can and will fail because of the fire. This makes the investigation 

of shear stud behaviour within large structures in fire a worthy endeavour. To this end, the 

smart composite beam connectivity interface has already been enriched with the option to 

create beam-column elements using user-defined sections to represent shear studs with finite 

stiffness. The option to create OpenSees multi-dimensional spring objects (TwoNodeLink) was 

also partially added to GiD+OpenSees and is an allowable option in the smart composite beam 

connectivity.   This is a work in progress and further research and development are necessary 

to establish and implement the right discretisation for finite-strength shear studs.   

Similar to shear studs, connections can currently only be modelled as ideal. This choice was 

made because little to no connection damage was observed in two-way composite floor tests, 

and because progressive collapse may occur as the result of a global mechanism that does not 

require any connection failure (Kotsovinos and Usmani 2013; Lange et al. 2012; Usmani et al. 

2003). However, the WTC7 collapse investigation efforts all concluded that connection failure 

was a crucial part of the building failure. Therefore, for the integrated simulation environment 

to be a viable option for researchers for forensic investigation of structures in fire, it has to be 

capable of modelling connections and their failure. The modelling of the response and local 

failure of connections is currently under investigation in the PhD project of another student. 

Once that work is concluded, the connection models, their heat transfer, and their thermal load 

can be added to the integrated simulation environment. 
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OpenSees was originally built to be a multi-threaded programme used for performing 

parametric studies and for tackling the simulation of large structures. However, not a single 

multi-threaded OpenSees for Fire script has been run so far in this or any of the preceding 

research. This was never an issue before because it was impossible to build very large 

OpenSees for Fire models until this integrated simulation environment was developed. The 

large models built during this work pushed the boundaries of the single-process OpenSees and 

limited the modelling work that could be performed and the size of the models that could be 

investigated. There is room for future development in OpenSees for Fire to make better use of 

available computing hardware and modern high performance computing facilities. With this, 

it would be feasible to enable the research and engineering communities to utilise the integrated 

simulation environment to efficiently tackle large-scale structural-fire problems in more 

realistic and more viable timeframes.  

7.3.2. Fire simulation 

It was discussed in section 5.4.2 of Chapter 5 that the integrated simulation environment 

thermocouples were designed to retrieve gas temperatures from FDS models. The choice of 

gas temperatures was made because of the flexibility to use the convective coefficient to have 

more control over the HT analyses. With this, the convective coefficient becomes the only 

variable that needs to be controlled allowing greater flexibility than needing to perform a set 

of FDS analyses to calibrate adiabatic surface temperatures or heat flux values. Performing 

many HT analyses, especially using the integrated simulation environment, is orders of 

magnitude less expensive than performing multiple FDS analyses. That said, the value for 

convective heat transfer must be calibrated. This calibration is outside the scope of the current 

work and would require a sensitivity analysis performed as per the work of Jowsey (2006). The 

integrated simulation environment will be used to perform this sensitivity analysis as part of a 

separate piece of future research.  

Currently, only standard fire, hydrocarbon fire, custom temperature file, or FDS results can be 

used for the thermocouples thermal load. While these thermal load types are perhaps the most 

prevalent, they are not enough, for example, to study the response of WTC7 to the travelling 

fires that took place on floors seven through 14. A travelling fire library is therefore currently 

under development. The travelling fire model in the integrated simulation environment can 

both generate a temperature profile to visualise the fire travel and send gas temperature 

information to the thermocouples within the model for HT analysis and load application. The 

properties of the fire model itself are still rudimentary allowing only simple custom 
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descriptions of the location of the fire and its near and far-field heating profiles. While this 

allows great flexibility in prescribing fire conditions, that prescription is largely ad hoc and not 

based on the physical properties of the structure or the fire. Further work is still necessary on 

this avenue to allow for modelling travelling fire efficiently in large structures using the 

integrated simulation environment.  

7.3.3. The collapse of WTC7  

WTC7 is arguably the most important case study in the structural fire engineering literature. 

The scale, structural complexity, and the severity of the fires make it arguably the most 

stringent test a computational tool can be put through. Indeed, the model-building and the 

preliminary analysis of WTC7 presented in this thesis showcased the strengths and highlighted 

the weaknesses of the integrated simulation environment. Some of these weaknesses resulted 

in additional developments such as the inclusion of the Dynamics library, while others, such 

as the need for realistic connection models, are the topic of adjacent and future research. The 

analysis of the WTC7 collapse was enabled by the developments made in this research and is 

still ongoing. The next step is to investigate the collapse propagation initiated by the failure of 

the possibly under-protected diagonal members of Truss 2 in the mechanical room by building 

a large model of WTC7 to capture load redistribution. The developments highlighted in this 

section will aid this objective in the future as they would improve the quality of the collapse 

propagation analysis.   
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